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This dissertation composes three papers detailing work intended to examine the mech-

anisms that control the failure of additively manufactured (AM) metallic materials. All

studies aim at developing models to predict the fatigue performance of AM Ti-6Al-4V

utilizing computational tools, and ultimately to realize a predictive process-structure-

performance modeling framework. First, a thorough literature review was conducted to

catalog and analyze the published fatigue performance data of AM Ti-6Al-4V. Compar-

ing to traditionally manufactured Ti-6Al-4V, the key features that control fatigue per-

formance of AM parts are the same as the ones governing traditional cast and wrought,

i.e. surface finish, residual stress, build defects and microstructure. Second, possible

mechanisms by which hot isostatic pressing (HIP) improves the high cycle fatigue per-

formance of powder bed fused (PBF) Ti-6Al-4V were examined. The results suggest

that HIP may act most significantly by decreasing the fraction of the defect population

that can initiate fatigue cracks, both by decreasing defect sizes below a threshold and by

changing the microstructure around defects, the latter of which is confirmed by an elec-

tron backscatter diffraction (EBSD) study. The gained understanding is used to provide

initial guidance on the choice of optimum HIP parameter via a continuum mechanics

model. Third, to understand the role of geometry on the fatigue performance of as-built

laser PBF Ti-6Al-4V, two sets of specimens only differing in gage surface area were

fabricated. A significant difference in fatigue performance was observed between these

two geometries. Possible origins of the observed difference, such as surface roughness,



microstructure, build defects, and mechanical interactions between fatigue cracks and

the specimen geometry, were investigated. A weakest link approach with X-ray CT

measurements of build defects in the two geometries was able to capture the geometric

effect on the fatigue performance, consistent with the experimental data. To attempt to

link the defect populations with the thermal histories resulting from the different ge-

ometries, a linear heat conduction thermal model was performed. Lastly, a predictive

model framework that links the material properties from the witness coupon data with

the fatigue performance of structural components was developed to facilitate the qualifi-

cation and certification of PBF technique in safety critical loading bearing applications.

Focusing on a PBF aircraft link component, a simple deterministic model was first de-

veloped. A probabilistic fatigue model was then constructed to predict both the median

trend and variability of the fatigue life of the link component, taking both the popula-

tions of fatigue crack initiation sites and the full stress field from finite element (FE)

simulations as inputs. Both models under-predicted the median fatigue life of the link

component, which we hypothesize to be due to the overestimation of the multiaxial fa-

tigue indicator. The predicted variability of the fatigue life of the probabilistic model

showed good agreement with the experiments. In addition, the effect of crack initiation

site density on the fatigue performance of the link component was also examined with

the probabilistic model. The results suggested a significant increase in crack initiation

site density only has a mild effect on the fatigue performance at the component level,

indicating that transferring the fatigue data at the witness coupon level to the structural

component level should be conducted more carefully.
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CHAPTER 1

INTRODUCTION

Additive manufacturing is “a process of joining materials to make objects from 3D

model data, usually layer upon layer, as opposed to subtractive manufacturing method-

ologies. Synonyms: additive fabrication, additive processes, additive techniques, addi-

tive layer manufacturing, layer manufacturing, and freeform fabrication” as defined by

ASTM standard [18]. While AM has been around for several decades, it has only began

to become popular recently as commercial laser/electron beam systems advance [19,20].

Powder bed fusion (PBF), as one of the additive manufacturing techniques, utilizes di-

rected laser or electron beam energy to selectively fuse a bed of metal powder, layer by

layer until a part has been built. PBF is of great interest to the aerospace and biomedical

industries due to its short lead time and low buy-to-fly ratio compared to traditional man-

ufacturing. However, challenges of thermal stress, surface roughness, build defects and

microstructure are still at the forefront, particularly for load bearing applications. These

challenges must be addressed before PBF parts can be economically used in safety crit-

ical load bearing applications. Ti-6Al-4V is one of the most commonly used materials

in aerospace industry, exhibiting a good combination of strength and ductility, and thus

is the focus of this dissertation.

The second chapter, entitled “Critical Assessment of the Fatigue Performance of

Additively Manufactured Ti-6Al-4V and Perspective for Future Research” is published

in International Journal of Fatigue. Co-authors include Prof. Derek Warner, Professor

Ali Fatemi from University of Memphis and Nam Phan from Naval Air Systems Com-

mand. This work catalogues and analyzes the published fatigue performance data of an

additively manufactured alloy of significant technological interest, Ti-6Al-4V. Focusing

on uniaxial fatigue performance, we compare to traditionally manufactured Ti-6Al-4V,
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discussing failure mechanisms, defects, microstructure, and processing parameters. We

then attempt to identify key knowledge gaps that must be addressed before AM tech-

nology can safely and effectively be employed in critical load bearing applications. The

examination of published fatigue data has revealed that the fatigue performance of AM

Ti-6Al-4V is governed by the same features that control traditional cast and wrought Ti-

6Al-4V products, i.e. surface finish, residual stress, internal defects, and microstructure.

The third chapter, entitled “Investigation of the Mechanisms by which Hot Isostatic

Pressing Improves the Fatigue Performance of Powder Bed Fused Ti-6Al-4V” is in press

by International Journal of Fatigue. Co-authors include Prof. Derek Warner, Jonathan

Pegues from Auburn University, Professor Michael Roach from the University of Mis-

sissippi Medical Center, Professor Nima Shamsaei from Auburn University and Nam

Phan from Naval Air Systems Command. This work aims at understanding how hot

isostatic pressing (HIP) treatment improves the high cycle fatigue performance of PBF

Ti-6Al-4V. As examined in the review paper, current applications still rely on post pro-

cessing treatments to ensure safe and reliable behavior. The commonly used post pro-

cessing route is a combination of HIP and subsequent surface machining, which has

been shown to produce PBF Ti-6Al-4V parts with fatigue performance on par with

traditionally processed materials. The HIP step tends to shrink the sub-surface build

defects and the surface machining to remove the surface defects as well as the surface

roughness. However, the benefits of HIP treatment are not free, e.g. the heat involved

significantly coarsens the α laths, which is thought to be detrimental to high cycle fa-

tigue performance. Thus, the problem becomes to how to optimize the HIP parameters

to coarsen the microstructure the least while still neutralizing fatigue governing defects.

To answer this question, an understanding of the controlling mechanisms is key.

The forth chapter, entitled “Predicting the Fatigue Performance of Laser Powder
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Bed Fused Ti-6Al-4V Coupons of Different Geometries”, reports my recent work on

understanding the geometric effects on the fatigue performance of laser PBF Ti-6Al-

4V, where the PBF samples were fabricated and fatigue tested, the electron backscatter

diffraction microscopy were performed at Auburn University, and the surface roughness

analysis and the X-ray CT scans were conducted at Cornell University. For the geo-

metric design freedom of PBF to be fully utilized in load bearing applications, a robust

understanding of the link between process, structure and performance is a must, con-

sidering the numerous process parameters involved, and that the mechanical properties

change with geometry. Most of the current studies in this area are limited to the thick-

ness of very simple geometry and scan strategy which is far below the part scale [21,22].

In this spirit, to provide some guidance on the predictions of real-world complex shaped

components using the data of laboratory test coupons, two sets of specimens only dif-

fering in gage surface area were fabricated and uniaxial fatigue tested. A weakest link

approach with the inputs of measured X-ray CT defect density is able to capture the

significant difference in fatigue performance between the two geometries. A linear heat

conduction thermal model was also performed to shed some lights on the relation be-

tween thermal history and geometry, and thus the defect populations.

The fifth chapter, entitled “Fatigue of Additive Manufactured Ti-6Al-4V, The Rela-

tionship Between Material Cyclic Behavior and Component Performance”, reports my

recent work on developing a model framework to link the fatigue data of the witness

coupons with the fatigue performance of a structural component in collaboration with

NAVAIR. Currently, the applications of safety critical loading bearing PBF components

are still very limited due to the highly variable fatigue performance and the lack of pre-

dictive process-structure-performance tools [23]. While much efforts has been put in

characterizing the fatigue performance of PBF Ti-6Al-4V, most of the studies focuses

on the witness coupon level and only limited studies exist to examine the fatigue per-
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formance of a real PBF structural component [24–27]. This study took a first attempt

to develop a probabilistic fatigue prediction model of a real PBF aircraft link compo-

nent using the fatigue data of the witness coupons, both in the median trend and the

variability. The effect of crack initiation site density on the fatigue performance at the

component level was also examined with the developed probabilistic fatigue model.
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CHAPTER 2

CRITICAL ASSESSMENT OF THE FATIGUE PERFORMANCE OF

ADDITIVELY MANUFACTURED TI-6AL-4V AND PERSPECTIVE FOR

FUTURE RESEARCH

2.1 Abstract

To realize the potential benefits of additive manufacturing technology in airframe and

ground vehicle applications, the fatigue performance of load bearing additively manu-

factured materials must be understood. Due to the novelty of this rapidly developing

technology, a very limited, yet swiftly evolving literature exists on the topic. Motivated

by these two points, we have attempted to catalogue and analyze the published fatigue

performance data of an additively manufactured alloy of significant technological inter-

est, Ti-6Al-4V. Focusing on uniaxial fatigue performance, we compare to traditionally

manufactured Ti-6Al-4V, discussing failure mechanisms, defects, microstructure, and

processing parameters. We then attempt to identify key knowledge gaps that must be

addressed before AM technology can safely and effectively be employed in critical load

bearing applications.

2.2 Introduction

Additive manufacturing (AM) techniques offer the potential to economically fabricate

customized parts with complex geometries in a rapid design to manufacture cycle. How-

ever, the mechanical behavior of these materials must be better understood before the

benefits of this rapidly developing technology can be utilized for critical load bearing
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applications. For airframe and ground vehicle applications, developing a better under-

standing of fatigue performance is key.

Due to the novelty of this technology, a very limited literature exists on the fatigue

performance of AM alloys. To date, the authors are aware of publications spanning

5 additively manufactured alloys, i.e. Ti-6Al-4V, austenitic stainless steel, martensitic

stainless steel, Al-10Si-Mg, and Inconel. The majority of the published fatigue test data

is for Ti-6Al-4V, motivating our focus on this technologically important alloy system.

Ti alloys have been extensively used in fatigue critical applications in the aerospace

and biomedical fields. Ti alloys have high strength to weight and stiffness to weight

ratios, good high temperature performance, corrosion resistance, and compatibility with

composites and biomaterials. Among Ti alloys, Ti-6Al-4V is the most commonly used,

exhibiting a good combination of strength and ductility.

This manuscript reports on our effort to catalogue the published data on AM Ti-

6Al-4V fatigue performance and to analyze the data generated by independent research

laboratories, comparing to traditionally manufactured Ti-6Al-4V. The aim is to illumi-

nate key knowledge gaps that must be addressed before AM technology can safely and

effectively be employed in critical load bearing applications. While AM technology can

be utilized for both the fabrication and repair of parts [28–30], here we limit our focus

to AM fabrication technologies.

The manuscript will begin by establishing a foundation upon which to discuss the

AM Ti-6Al-4V fatigue test results. First, the fatigue performance of traditionally man-

ufactured Ti-6Al-4V will be reviewed and analyzed in terms of defects, microstructure,

surface treatment and residual stress. Next, a brief overview of the various AM Ti-6Al-

4V processing techniques will be given, focusing on the processing methods used to

construct the fatigue specimens discussed here. Then, the microscopic material defects
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in AM Ti-6Al-4V will be discussed with respect to their role on fatigue crack initiation.

Next, the microstructure of AM Ti-6Al-4V will be covered. The conditions of surface

roughness and the presence of residual stresses will then be discussed. Finally, with

all the preliminaries in place, the published uniaxial fatigue performance data for AM

Ti-6Al-4V will be introduced and analyzed in light of the previously mentioned items.

A perspective is then offered to promote future efforts aimed at enabling the application

of AM components. It should be mentioned that although the data presented and the

discussion provided in this review are for Ti-6Al-6V, many of the aspects and effects

discussed, for example with regard to defects and surface condition, are not unique to

this particular alloy or Ti alloys in general.

Throughout the manuscript, fatigue performance is characterized by the best fit line

that describes the logarithmic dependence of the cycles-to-failure on the applied cyclic

stress. In the majority of cases, the linear fits do an adequate job of describing avail-

able AM and traditionally manufactured Ti-6Al-6V fatigue data sets. This serves as

an important demonstration that AM processing technology has now progressed to the

point that fatigue performance variability can be controlled to a level that quantitative

performance comparisons can be made, within a controlled laboratory setting. Due to

the limited AM Ti-6Al-6V fatigue data that is currently available, we did not attempt to

quantitatively access the variability of AM fatigue data, nor identify design allowables;

and thus, these important tasks are left for future efforts when sufficient data becomes

available.

To facilitate a more straight forward comparison to the available AM Ti-6Al-4V data,

fatigue life will be discussed with respect to σe f f to normalize for differing R values.

σe f f represents the effective maximum value of the applied stress during a fatigue load

cycle at stress ratio R = -1,
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σe f f = σmax(
1 − R

2
)0.28. (2.1)

σmax is the actual maximum value of the applied stress during a fatigue load cycle at a

given R value(Walker 1970 [7]). The value of the exponent was chosen and the validity

of the approach was tested by examining fatigue data for traditionally processed Ti-6Al-

4V for both sheet and cast materials, spanning R = -0.5 to R = 0.5 (MMPDS 2010 [6]).

2.3 Traditionally Manufactured Ti-6Al-4V Reference Data

To build a foundation for discussing the fatigue performance of AM Ti-6Al-4V, we first

studied the fatigue performance of traditionally manufactured Ti-6Al-4V. The aim is not

only to provide a benchmark to compare AM Ti-6Al-4V fatigue performance against,

but to establish a basis for understanding the fatigue performance of AM materials. For

this purpose, we will start by discussing fatigue data available in the open literature

where microstructure and failure mechanisms can be linked to performance.

Within the context of this paper, we broadly categorized fatigue life into the phases

of crack initiation and crack growth. The initiation phase includes both crack nucleation

and small (microscopic) crack growth, while the crack growth phase is usually macro-

scopic. Separate analysis approaches are typically used for each phase, with S-N or

strain-life approaches for the initiation phase and fracture mechanics approaches for the

macroscopic crack growth phase. When crack initiation characterization is of interest,

specimen design is such that macroscopic crack growth constitutes a small fraction of

the total fatigue life; while for crack growth characterization, plate type specimens with

macroscopic pre-crack(s) are typically used. The boundary between crack initiation and

crack growth phases is often not clear. However, in most structural applications initia-
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Figure 2.1: Uniaxial fatigue performance of traditionally manufactured Ti-6Al-4V -
cast, cast+HIP and wrought cases. The colors of symbols represent the
microstructure: orange-bimodal, green-lamellar and red-martensitic; the
hollow symbols represent cases where fatigue cracks initiate from defects.
(Note: hereafter, by machined surface we mean the surfaces were mechan-
ically cut, milled, ground, or polished before the specimens were tested.
Other machining techniques, such as electro or chemically polished, elec-
trical discharge machined (EDM), shotpeened and sand blasted surfaces are
labeled separately.)

tion is typically defined as a crack size on the order of 0.5 mm. The literature data and

analysis presented in this paper are for the crack initiation phase. Therefore, we subse-

quently use the term “initiation” to describe the formation of a 0.5 mm fatigue crack,

and the term “growth” to describe the increasing length of an initiated fatigue crack.
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2.3.1 Traditionally Manufactured Ti-6Al-4V - Defects

Of the traditionally manufactured Ti-6Al-4V fatigue data examined here (Fig. 2.1), the

data from Eylon & Strope and Lin et al. [2, 31] are the worst performing sets. In both

cases, the poor performance can be attributed to accelerated fatigue crack initiation from

porosity-type defects. The fatigue crack initiating defects ranged in size from ∼20 µm

to 1.2 mm and were attributed to the casting process [31]. In general, larger defects

are thought to be more detrimental to fatigue performance. However the largest defects

are not always responsible for specimen failure, suggesting that factors beyond defect

size play an important role in fatigue crack initiation in Ti-6Al-4V, e.g. proximity of the

defect to other defects, the surface [32], and weak β phases or large favorably aligned

grains [33].

A common approach to remove porosity-type defects in cast materials is to subject

the material to a high pressure at an elevated temperature, i.e. hot isostatic pressing

(HIP). Eylon [34] performed HIP treatment on the specimens discussed in the previ-

ous paragraph, keeping all other conditions constant. The HIP treatment extended the

fatigue life by over a factor of two at σe f f = 331 MPa and R = 0.1, as shown in Fig.

2.1. In all the HIPed cases examined by Eylon, fatigue fracture initiated from localized

plastic slip bands. In one specimen, a ∼1 mm porosity-type defect was observed near

the surface; however, it was not the initiation site of the fatigue crack that led to failure,

consistent with the assertion made in the previous paragraph.

Oh et al. [35] also investigated the fatigue performance of specimens machined from

cast Ti-6Al-4V that had been subjected to a HIP treatment. Similarly, fatigue crack ini-

tiation was not associated with an observable defect. However, they reported a signifi-

cantly better fatigue performance than Eylon. To understand this difference, the role of

microstructure needs to be discussed.
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2.3.2 Traditionally Manufactured Ti-6Al-4V - Microstructure

Figure 2.2: Representative optical micrographs of etched Ti-6Al-4V microstructures.
(a) bimodal microstructure typical of wrought processing (solution treated
and overaged) [1]. Light gray grains are globular α phases while other grains
are α lamella within a beta matrix. (b) fully lamella microstructure consist-
ing of α lamella within a β matrix and globular α phase at prior beta grain
boundaries [1]. The grain boundary α phase is shown by the arrow (d) and
a lamella thickness by the lines at (e). (c) martensitic microstructure [2].

In specimens where fatigue cracks do not initiate from defects, crack initiation is

associated with the localization of plastic slip. In general, microstructural features, such

as grain and phase boundaries, impede plastic slip localization and promote improved

fatigue performance. In Ti-6Al-4V, plastic slip localization often occurs in the hcp α

phase. This phase exists as globules, lamellar platelets, or at prior bcc β phase grain

boundaries (Fig. 2.2), depending upon the thermal and mechanical history of the ma-

terial. In general, the finer the α phase features (quantified in this manuscript by esti-

mating lamellar thickness), the more resistance to long plastic slip bands and the more

resistance to fatigue crack initiation [33]. Consistent with the difference in fatigue per-

formance, the material examined by Oh et al. [35] had a finer arrangement of lamellar α

phase than the material examined by Eylon [31].

Porosity-type casting defects can also be removed by mechanically deforming the

material, e.g. extruding or hot rolling, leading to an improvement in fatigue perfor-

mance. The results of Nalla et al. [1] are shown as an example in Fig. 2.1. In all cases,
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fatigue failure was reported to initiate from the localization of plastic slip rather than

at a porosity-type defect. Nalla et al. [1] examined wrought Ti-6Al-4V material with

two different microstructures, i.e. fully lamellar and lamellar with α phase globules (bi-

modal), as shown in Fig. 2.2. Both materials had finer microstructural features than

any of the previously discussed materials; and consistent with previous discussion, they

exhibited superior fatigue performance.

2.3.3 Traditionally Manufactured Ti-6Al-4V - Surface Treatment

and Residual Stress

Beyond the inherent characteristics of the material, the preparation of specimen sur-

faces can influence the fatigue performance. For example, in Titanium: A Technical

Guide [36], the fatigue limit of a traditionally manufactured Ti-6Al-4V specimen is

shown to be reduced by a factor of three if the specimen is produced with electrical

discharge machining (EDM) and no subsequent surface treatment is performed, relative

to specimen created by mechanical milling and polishing. The degradation in fatigue

performance due to EDM surface preparation is thought to result from tensile resid-

ual stresses, defects that form as the surface material cools from a melt, and surface

roughness. Recently, a comprehensive study of EDM surface preparation and fatigue

performance for Ti-6Al-4V was published by Mower [37]. The degradation in fatigue

performance due to EDM surface preparation was found to be much less than the factor

of three previously cited due to improved EDM techniques, but the degradation is still

shown to be significant relative to mechanical milling and polishing (Fig. 2.1). It is

important to point out that creating specimens by mechanical milling and polishing can

actually enhance fatigue performance beyond the inherent material response due to the
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creation of compressive residual stresses at the surface. Golden et al. [38] showed that

a subsequent electropolishing step after mechanical polishing removed a compressive

residual stressed surface layer and reduced fatigue performance. Nevertheless, the effect

of a final electropolishing in this case is significantly less than all the effects discussed

previously (Fig. 2.1).

2.3.4 Traditionally Manufactured Ti-6Al-4V MMPDS Data

In practice, fatigue data from sources such as the Metallic Materials Properties Devel-

opment & Standardization (MMPDS [6]) are often utilized [37]. Despite the popularity

of this data, information regarding the material microstructure and the observed fracture

mechanism is not easily obtainable. However, based on the previous discussion, the in-

formation given regarding the processing, and the fatigue performance, we can deduce

the microstructure and likely failure mechanisms for the MMPDS data.

In Fig. 2.1, the best fit curves corresponding to four sets of reference data from the

MMPDS are shown. The best performing case corresponds to specimens with a gauge

diameter of ∼5 mm which were machined from a 25 mm thick solution treated and aged

plate (1 h solution treat at ∼700 ◦C, 3 h age at ∼538 ◦C). Slightly better fatigue perfor-

mance was obtained from annealed (1 h at 700 ◦C) extruded bar specimens that were

mechanically polished to a surface roughness of 1.4 µm. ∼4 mm round bar specimens

machined from a 13 mm thick mill annealed casting (2 h at ∼750 ◦C) showed slightly

inferior performance. The worst performing fatigue specimens were machined from a

76 mm thick mill annealed casting. The two sets of cast specimens were mechanically

polished to a surface roughness of ∼0.18 µm.

Although not explicitly stated in the MMPDS source, we suspect that the annealed
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and aged wrought materials both have a bimodal microstructure, and that the cast plates

have a fully lamellar microstructure (Fig. 2.2), based on the given information regarding

the processing routes. Further, we presume that the cast plates have been HIP treated

due to Veeck et al.’s [39] work and private communication with Battelle1. Thus, all

specimens are likely to have failed via fatigue crack initiation at plastic slip bands, and

the differences in fatigue performance between these three MMPDS data sets is likely

correlated to the α phase feature size in the microstructures.

2.4 Ti-6Al-4V Additive Manufacturing Processes

The uniaxial fatigue performance of AM Ti-6Al-4V has been published for several AM

processes [3, 25, 40–59], with the laser powder-bed fusion (laser PBF) process being

the most heavily studied [3, 43–46, 48, 49, 52, 54–57]. The laser PBF process consists

of using a laser to selectively melt the surface layer of a powder-bed to create a cross

sectional layer of the part being constructed. Next, a new layer of powder is added

to the bed and the process is repeated. Typically, the build chamber for the laser PBF

process is held at a temperature near 100 ◦C and filled with a noble gas. Commonly

reported laser PBF processing parameters are given in Table. 2.1. It is important to note

that reported processing parameters often correspond to machine settings, which may

not be the actual values, e.g. chamber environment, laser power, laser profile, and laser

scanning speed and accuracy.

In four of the fatigue studies examined here (Edwards et al. 2013 [25], Brandl et al.

2011 [60], Rafi et al. 2013 [61], Ackelid & Svensson 2009 [53]), the e-beam powder-

bed fusion (e-beam PBF) process was used. The higher energy and deeper penetration

1Richard C. Rice, Research Leader, Applied Technology, Battelle, Columbus, OH
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of the electron beam allows for (1) the deposition of thicker layers yielding faster build

times, (2) the use of larger powder sizes yielding less surface impurities, and (3) the

use of elevated build chamber temperatures to relieve residual stresses, thanks to the

high vacuum required in the build chamber for the electron beam to function efficiently.

Prior to melting a powder layer, a low energy density scan is often used to lightly sinter

the powder to avoid powder spread during melting. Limited information regarding the

processing parameters for the fatigue specimens examined here were given. Beyond the

parameters reported in Table. 2.1, e-beam PBF build chamber temperatures between

600-700 ◦C were reported for all four works. Ackelid & Svensson [53] reported a beam

diameter of 100 µm, while a 200 -1000 µm beam diameter was reported by Edwards et

al. [25].

The product of both laser PBF and e-beam PBF processes can depend significantly

on characteristics of the powder. Beyond the mean diameter of the powder, the distri-

bution of particle size and shape are thought to be important [62, 63]. These charac-

teristics, as well as the porosity and surface roughness of powder particles can depend

on the process by which the powder was manufactured, e.g. plasma-atomized, gas-

atomized, and/or recycled [64, 65]. Ultimately, the powder characteristics influence the

packing density, thermal conductivity, and energy absorption characteristics the powder-

bed. These traits impact the thermal history field experienced during a build, for a given

set of processing parameters. Thus, the fatigue performance can certainly (but will not

necessarily) depend upon powder characteristics.

In addition to the PBF AM approach, the fatigue performance of AM Ti-6Al-4V

processed via a directed energy deposition (DED) approach has also been examined. In

this approach, a continuously fed wire is melted directly at the site where the material

is deposited. By avoiding the use of powder, this process has the potential to create AM
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Table 2.1: Process parameters for laser PBF and e-beam PBF fatigue specimens. Note
that NR represents that the value was not reported by the authors. SLM stands
for selective laser melting and EBM for electron beam melting.

Process Study
Gauge Cross Beam Powder Scan Speed Layer Hatching Energy Density

Machine system
Section (mm) Power (W) Size (µm) (mm/s) Thickness(µm) Spacing (µm) (J/mm3)

Laser PBF

Edwards & Ramulu
12×8 200 30 200 50 180 111 SLM MTT250

(2014) [43]
Xu et al.

∼4 Dia 375 25-45 1029 60 120 50 SLM 250HL
(2015) [54]
Liu et al.

5.5 Dia 175 43 710 30 125 65 SLM 250HL
(2014) [55]
Rekedal et al.

10×3 400 NR NR 60 NR NR
SLM EOS

(2015) [49] M280
Gong et al.

3 Dia 170 38 1250 30 100 45
SLM EOS

(2012) [44] M270
Hooerweder et al.

6×3 250 NR 1600 30 60 86
SLM In-house

(2012) [57] LM-Q
Thöne et al.

3 Dia 175 40 NR 30 NR NR SLM 250HL
(2012) [66]
Kasperovich & Hausmann

5 Dia 200 35 1250 40 250 16
Concept Laser

(2015) [3] M2

E-beam PBF

Edwards et al.
30×6 50-3500 100-300 3000 700 200-1000 NR

EBM
(2013) [25] ARCAM A1
Brandl et al.

5 Dia 7000 (Max) NR >1000 NR NR NR
EBM

(2011) [60] ARCAM A2
Rafi et al.

NR NR 60 NR 70 NR NR
EBM

(2013) [48] ARCAM S400
Ackelid & Svensson

NR NR 45-105 NR 100 NR NR
EBM

(2009) [53] ARCAM

Table 2.2: Process parameters for wire-feed DED AM fatigue specimens. Note that NR
represents that the value was not reported by the authors.

Process Study
Gauge Cross

Power (W)
Wire Diameter Feed Speed Layer Welding Speed Energy Density

Machine
Section (mm) (mm) (mm/s) Thickness (µm) (mm/s) (J/mm3)

Laser DED
Baufeld et al.

1.5 (min) 3500 1.2 40 1000 10 77
Trumpf HLD

(2011) [40] 3504 Nd

TIG DED
Baufeld et al.

1.5 (min) 2200 1.2 33 1000 5 59 AMRC SMD cell
(2011) [40]

parts with lower impurity levels at reduced cost. The primary drawback of the wire-

feed DED approach, relative to the PBF approach, is its inability to create parts with

complex geometries due to the lack of support for the melted material. The melt pool

associated with the wire-feed DED process is typically significantly larger than that

associated with the PBF process, leading to significantly different solidification rates.

Fatigue tested wire-feed DED Ti-6Al-4V components have been constructed using two

energy sources, i.e. a tungsten inert gas torch (TIG wire-feed DED) and a laser beam

(laser wire-feed DED) [40, 41]. Both approaches used similar deposition parameters

(Table. 2.2).
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Table 2.3: The tensile properties for laser PBF, e-beam PBF and wire-feed DED studies.
Note that a specimen orientation label of vertical implies that uniaxial testing
was conducted in the build direction, while horizontal implies that testing was
conducted perpendicular to the build direction.

Process Study Conditions Specimen Orientations
Ultimate Tensile

Yield Stress (Mpa)
Elongation

Strength (MPa) to Failure(%)

Laser PBF

Edwards & Ramulu (2014) [43]
No heat treatment

Horizontal 1035 ± 29 910 ± 10 3 ± 0.8
As-built surface

Xu et al. (2015) [54]

No heat treatment
Vertical NR 1106 ± 6 11 ± 0.4Machined surface

(lamellar)
No heat treatment

Vertical 1197 1029 8Machined surface
(martensite)

Rekedal et al. (2015) [49, 67]

No heat treatment
Vertical 1140 ± 5 938 ± 8 6.7 ± 1.0

As-built surface
4h at 800 ◦C

Vertical 937 ± 4 862 ± 3 11.4 ± 0.8
As-built surface
HIP: 2h 899 ◦C at 100 MPa

Vertical 910 ± 3 835 ± 4 7.2 ± 1.0
As-built surface

Rafi et al. (2013) [48]
Horizontal 1269 ± 10 1195 ± 20 5 ± 0.5

4h at 650 ◦C
Machined surface

Vertical 1219 ± 20 1143 ± 38 5 ± 0.7

Hooreweder et al. (2012) [68]

No heat treatment
Vertical 1271 ± 8 1115 ± 13 7 ± 1

Machined surface
4h at 650 ◦C

Vertical 1170 ± 6 1124 ± 7 10 ± 1
Machined surface

Leuders et al. (2013) [45]

No heat treatment
Vertical 1080 ± 30 1008 ± 30 2 ± 2

Machined surface
2h at 800 ◦C

Vertical 1040 ± 30 962 ± 30 5 ± 2
Machined surface
2h at 1050 ◦C

Vertical 945 ± 30 798 ± 30 12 ± 2
Machined surface
HIP: 2h 920 ◦C at 100 MPa

Vertical 1005 ± 30 912 ± 30 8 ± 2
Machined surface

Kasperovich & Hausmann (2015) [3]

No heat treatment
Vertical 1051 736 12

As-built surface
No heat treatment

Vertical 1155 986 11
Machined surface
1h at 700 ◦C

Vertical 1115 1051 11
Machined surface
2h at 900 ◦C

Vertical 988 908 10
Machined surface
HIP: 2h 900 ◦C at 100 MPa

Vertical 973 885 19
Machined surface

E-beam PBF

Edwards et al. (2013) [25]
No heat treatment Horizontal 833 ± 22 783 ± 15 2.7 ± 0.4
As-built surface Vertical 851 ± 19 812 ± 12 4 ± 0.9

Brandl et al. (2011) [60]

No heat treatment Horizontal 972 897 12
Electropolish Vertical 953 879 14
2h at 843 ◦C Horizontal 920 832 18
Electropolish Vertical 856 811 15

Rafi et al. (2013) [48]
No heat treatment Horizontal 978 ± 3 899 ± 5 10 ± 1
Machined surface Vertical 928 ± 10 869 ± 7 10 ± 2

Ackelid & Svensson (2009) [53]

No heat treatment Horizontal 971 ± 3 870 ± 8 12 ± 1
Machined surface Vertical 953 ± 9 879 ± 13 14 ± 1
HIP Horizontal 959 ± 8 866 ± 6 14 ± 1
Machined surface Vertical 942 ± 3 868 ± 3 13 ± 1

Wire-feed DED

Brandl et al. (2010) [41]

No heat treatment Horizontal 896 818 4
Electropolish Vertical 872 791 11
4h at 600 ◦C Horizontal 941 874 7
Electropolish Vertical 928 847 11

(Laser wire-feed DED) 2h at 843 ◦C Horizontal 898 822 13
Electropolish Vertical 884 812 11

Brandl et al. (2010) [41]

No heat treatment Horizontal 963 890 8
Electropolish Vertical 939 860 17
4h at 600 ◦C Horizontal 981 914 7
Electropolish Vertical 976 891 12

(TIG wire-feed DED) 2h at 843 ◦C Horizontal 961 898 13
Electropolish Vertical 930 856 21
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For reference, we provide the uniaxial yield strength, tensile strength, and elonga-

tion to failure for AM Ti-6Al-4V from the four previously mentioned processing routes

(Table. 2.3). The values reported are from studies that also discussed fatigue perfor-

mance.

2.4.1 AM Ti-6Al-4V Interior Defects

The reference data corresponding to traditionally cast Ti-6Al-4V illustrated that material

defects with sizes as small as 20 µm can induce fatigue failure, while at the same time

shrinkage and gas-induced porosity defects as large as ∼1 mm can be inert with respect

to fatigue failure [31].

Defects approaching 200 µm have been found in laser PBF specimens (Edwards &

Ramulu 2014 [43], Wycisk et al. 2014 [52]), within the body of literature where fatigue

testing of AM Ti-6Al-4V has been reported. These defects are attributed to unmelted

regions of powder and more complex phenomenon (Thijs et al. 2010 [69]). One of the

earliest extensive examinations of porosity in AM fatigue tested specimens was Leud-

ers et al. 2013 [45], who performed X-ray tomography on laser PBF specimens. They

reported a population of pores occupying 0.23% volume fraction, with pore diameters

between 22 µm and 50 µm, where the lower limit of pore size was set by the resolution

of the tomography. Leuders et al. [45] also examined specimens subjected to two differ-

ent post manufacturing heat treatments (2 h at 800 ◦C and 1050 ◦C) and a HIP treatment

(2 h at 920 ◦C at 100 MPa pressure). No change in the pore population was detected for

the two different heat treatments, but the HIP treatment removed all the detectable pores

having sizes above 22 µm. More recent work by Kasperovich & Hausmann 2015 [3] in-

volved a higher resolution examination of porosity in laser PBF specimens. They found
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that a porosity of 0.08% can be obtained by optimizing laser PBF parameters and that

subsequent HIP treatment reduces the pore volume fraction to 0.01%. Importantly, they

found that the majority of pores in laser PBF Ti-6Al-4V can be quite small, i.e. <5 µm.

Finally we note that other small non-porosity defects are also commonly observed, with

dimensions of 10’s of µm, e.g. cracks and intermetallic particles (Edwards & Ramulu

2014 [43], Rafi et al. 2014 [48], Wycisk et al. 2014 [52]).

Porosity has also been characterized in e-beam PBF specimens [25, 50, 53, 70, 71].

Ackelid & Svensson 2009 [53] reported an overall porosity of 0.17% in as-built speci-

mens. In accordance with the previously mentioned laser PBF studies, they found that

HIP treatment significantly reduced porosity, i.e. 0.01%. Pore sizes of up to ∼300 µm

were reported by Puebla et al. 2012 [70]. Seifi et al. 2015 [50] reported similar obser-

vations of maximum pore size, i.e. 200 µm. ∼50 µm trapped gas pores have also been

observed [53, 71].

Porosity has not been as comprehensively characterized for wire-feed DED AM

process, and in general, is thought to be less pervasive relative to the powder-bed ap-

proach [72]. Nonetheless, spherical trapped gas pores can definitely occur in wire-feed

DED products and can often be attributed to the introduction of impurities [51], as might

be expected by analogy to traditional welding.

The most detrimental pores with respect to fatigue performance will tend to be larger

and non-spherical in shape. These pores can be the result of non-optimum processing

parameters and/or inhomogeneities in the powder distribution [73]. Optimum process-

ing parameters will vary not only with part geometry and size, but also with position

within a product, e.g. overhangs, holes, and thin walls. Thus, the distribution and char-

acter of pores will likely be a function of position within a product, even if a subsequent

HIP treatment is performed [31].
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The short axis of larger non-spherical pores is typically aligned with the build direc-

tion, and thus, the elongation to failure in this direction can be (but is not necessarily)

significantly lower (Table. 2.3) [73]. As might be expected, this directionality can man-

ifest itself in the fatigue performance [25, 43]; however, we limit our focus in the cur-

rent manuscript to more substantial differences in fatigue performance between different

studies.

2.4.2 AM Ti-6Al-4V Microstructure

The reference data clearly established that the grain/phase structure (microstructure)

can significantly influence the fatigue performance of Ti-6Al-4V. Most commonly, laser

PBF Ti-6Al-4V consists of a very fine featured martensitic microstructure as a result

of the fast cooling rates experienced by the material during the laser PBF process (Fig.

2.2). The effect of the martensitic microstructure on the fatigue performance of tradi-

tionally manufactured Ti-6Al-4V has not been clearly established, due to the presence

of fatigue crack initiating defects in the specimens, as is the case for the Lin et al.’s

2005 [2] data shown in Fig. 2.1. Very recently, Xu et al. 2015 [54] identified laser PBF

processing parameters that resulted in a non-martensitic α microstructure, which as will

be discussed later, led to an improvement in fatigue performance.

In many cases, laser PBF Ti-6Al-4V components have been subjected to a heat treat-

ment before testing. Heat treatments above 400◦C have been shown to decompose the

martensitic microstructure into a microstructure consisting of fine α phases comparable

to the highest strength wrought products [54]. As expected, more intense heat treatments

have been shown to coarsen the microstructure and create regions of β phase [3,45]. The

microstructure has been shown to be relatively insensitive to the pressure associated
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with the HIP treatment [45]. These observations are consistent with optical and electron

micrographs from other researchers for laser PBF specimens (Chan et al. 2013 [42],

Edwards & Ramulu 2014 [43], Rafi et al. 2013 [48], Puebla et al. 2012 [70], Thijs et al.

2010 [69], Koike et al. 2011 [74]).

In the case of as-built e-beam PBF specimens, optical and electron micrographs

suggest both α and β phases exist. It is the slow cooling rate from the elevated build

chamber temperature that is responsible for the α + β microstructure [42, 47, 53, 61,

75–78]. Koike et al. 2011 [74] reported α phases in e-beam PBF Ti-6Al-4V of ∼1

µm thickness, consistent with the thickness of laser PBF products heat treated at the

e-beam PBF build chamber temperature, 700◦C [3, 54]. For reference, the thickness of

the martensitic phases in as-built laser PBF products is typically 0.3 to 1 µm [3, 54].

In the wire-feed DED AM process, α and β phases are also reported for both laser

and TIG approaches (Baufeld et al. 2011 [40]). This is consistent with the larger melt

pool and subsequently slower cooling rate, relative to the laser PBF process. Nonethe-

less, the thickness of the α phase is still on the order of 1 µm with the wire-feed DED

laser and TIG methods, suggesting that the cooling rates are not significantly below

1 ◦C/s (Dehghan-Manshadi et al. 2010 [79]).

As with porosity defects, the microstructure varies with respect to position within

the part. Ti-6Al-4V solidifies in the β phase, before forming martensitic or α phases

as temperature decreases. Because the cooling rate from the β phase depends upon the

position within the part, the resulting microstructure can depend upon position. For

instance, Baufeld et al. 2011 [40] reported higher strength and lower ductility near the

top of their parts.

Due to the directional nature of the AM process, the prior β grains tend to be colum-
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nar (∼ 150µm [73]) and aligned with the build direction, having lengths significantly

longer than traditional Ti-6Al-4V materials [33, 75]. However, near surfaces, the prior

β grains tend to be perpendicular to the surface [75]. The prior β grain boundaries will

often be apparent in the room temperature Ti-6Al-4V microstructure; and, because of

their relatively long length, mechanical properties can be affected. For example, the

high density of grain boundaries perpendicular to the build direction can lead to de-

creased elongation to failure in instances where porosity defects are not prevalent [40].

While this directionality could certainly manifest itself in fatigue performance, its effect

is smaller than the differences in fatigue performance between the studies examined in

this work.

2.4.3 AM Ti-6Al-4V Specimen Surfaces

To the eye, as-built AM Ti-6Al-4V surfaces have a duller finish than machined speci-

mens, indicative of their rougher surface [25, 43]. The increased surface roughness of

AM parts is attributed to (1) the staircase effect associated with the deposition of finite

layers, (2) partially melted powder particles adhered to the surface, and (3) the presence

of material defects such as porosity and unmelted regions [80]. Item (1) is dependent

on the curvature of the surface and the deposition layer thickness, item (2) is particular

to the powder-bed approach and is dependent on the powder size, and item (3) depends

on processing parameters that control defect formation, noting that optimum processing

parameters vary at surfaces and overhangs relative to the bulk [81, 82].

This understanding is consistent with surface roughness measurements reported for

the fatigue studies described in this manuscript. A surface roughness of laser PBF Ti-

6Al-4V has been reported between 30 and 40 µm by two groups [25, 42], and signifi-
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cantly lower by a third group, 13 µm [56]. The reason for this difference is not clear

from the data presented in the corresponding manuscripts. Chan et al. 2013 [42] also

reported the surface roughness of e-beam PBF specimens, 131 µm and for comparison,

cast, electrical discharge machined, and rolled surfaces, measuring roughnesses of 10,

8, and 1 µm, respectively. While less work has been done to study the surfaces of wire-

feed DED Ti-6Al-4V, the surfaces appear to be smoother than PBF specimens according

to Escobar-Palafox et al. 2011 [83], ∼5 µm.

Considering the three sources of AM component surface roughness mentioned

above, the surface characteristics would be expected to demonstrate direction dependent

features. However, Edwards & Ramulu [43] measured similar surface profiles in various

directions along macroscopically flat surfaces constructed with the laser PBF process.

This result highlights the importance of partially melted powder particles adhered to

the surface, at least in cases where the staircase effect is not present. This conclusion

is consistent with the relatively direction independent fatigue performance observed by

Edwards & Ramulu 2014 [43] and Wycisk et al. 2013 [56]. With that said, we point out

that sufficiently poor selection of processing parameters and/or the presence of highly

curved surfaces would be expected to create directionally dependent surface defects of

sufficient size to affect fatigue performance.

2.4.4 Residual Stresses

Due to high thermal gradients, AM specimens are prone to significant residual stresses

that can affect fatigue performance. Accordingly, a considerable amount of character-

ization and modeling work has been done in this area [84–87]. In several cases, both

residual stresses and fatigue performance were characterized within the same study. Ed-

23



wards & Ramulu 2014 [43] measured residual stresses in the build plane of two as-built

laser PBF specimens. They reported tensile residual stress values of ∼410 MPa and

∼550 MPa at the surface, and ∼0 MPa and ∼200 MPa at 200 µm below the surface.

The precise values depended upon the shape of the specimen and location being mea-

sured, i.e. top or bottom of the specimen. Leuders et al. 2013 [45] measured tensile

residual stresses on a plane perpendicular to the build plane, at the surface and 100 µm

deep sub-surface. In as-built specimens, they measured tensile stresses between 90 and

235 MPa at the surface and higher values of 265 to 775 MPa were obtained at 100 µm

deep sub-surface, contrasting Edwards & Ramulu’s measurements. As with tradition-

ally manufactured materials, heat treatments can remove residual stresses, e.g. 2 h at

800 ◦C (Leuders et al 2013 [45]).

Relative to the laser PBF process, the e-beam PBF process is expected to create less

residual stresses due to the slow cooling from the elevated build chamber temperature.

The measurements of Edwards et al. 2013 [25] support this assertion, as they found

stresses between ∼-150 MPa and ∼50 MPa in the plane of the build direction at the

bottom and top surfaces of their specimen, respectively. The report of a compressive

stress is interesting being that the specimen geometry and measurement location were

indistinguishable from Edwards & Ramulu’s 2014 [43] report of only tensile residual

stresses in laser PBF specimens. In both cases, the magnitude of the stress was found to

decay with depth.

Residual stresses in products produced with the wire-feed DED process have been

studied extensively at the scale of the part to understand distortion [72]. A pervasive

theme is that the processing parameters can significantly impact the residual stress dis-

tribution, which often contains tensile stresses approaching the yield stress [72, 88].

Ultimately, the takeaway from these studies is that residual stresses can be a sig-
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nificant fraction of the yield stress in as-built AM Ti-6Al-4V specimens, particularly

near surfaces. The sign and magnitude of the stresses and their distribution are likely

dependent upon location, part size and geometry, and processing parameters.

2.5 Fatigue Performance

While several configurations have been used to test the fatigue performance of AM

Ti-6Al-4V, the majority of data has been published for un-notched uniaxially loaded

specimens in load control mode.

2.5.1 Laser PBF Ti-6Al-4V Specimens Tested at R ≈ 0

The majority of fatigue performance data for AM Ti-6Al-4V has been published for the

laser PBF process. Assuming that the effects of R ratio are accounted for by using σe f f ,

and that the effects of variations in specimen sizes and shapes are negligible; the data

from six disjoint sets of authors can be compared for the laser PBF processing route for

R near zero (Fig. 2.3). The most prominent feature of the data is the wide variability of

performance reported.

AM Ti-6Al-4V without Heat Treatment

Edwards & Ramulu 2014 [43] have published test results for laser PBF specimens not

subjected to a post build heat treatment. Their specimens had a rectangular cross sec-

tion (12 mm x 8 mm) and were tested at R = -0.2. They studied specimens with as-built

surfaces as well as with machined and polished surfaces. They examined different spec-
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Figure 2.3: Uniaxial fatigue performance of AM Ti-6Al-4V specimens manufactured
via the laser PBF process and tested at R ≈ 0. Black symbols: no heat
treatment and as-built surface. Green symbols: no heat treatment and ma-
chined surface. Yellow symbols: heat treatment and as-built surface. Red
symbols: heat treatment and machined/EDM/shotpeened/sand blasted sur-
face. fit curves for the best performing data set in each of the four cases are
shown. Four MMPDS fit curves are also shown as a reference of tradition-
ally manufactured Ti-6Al-4V performance.

imen orientations with respect to the AM build direction and studied the effects of both

build direction and surface treatment. Specimens built such that loading occurred along

the build direction performed noticeably worse than the perpendicularly oriented cases.

Surface treatment had a more significant effect on fatigue performance, where machined

and polished specimens outperformed specimens with as-built surfaces. Nonetheless,

the effect of orientation and surface treatment is small relative to the deficit in per-

formance that exists when comparing to most of the other data sets presented in this

manuscript. Thus, we hypothesize that the overall poor fatigue performance observed

in this study is the result of relatively large population of defects that accelerate fatigue

crack initiation.
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The test results of Xu et al. 2015 [54] and Liu et al. 2014 [55] support this hypoth-

esis. Testing machined specimens at R = 0.1, both works report fatigue performance

superior to Edwards & Ramulu 2014 [43]. Xu et al. examined not only laser PBF spec-

imens with the typical martensitic microstructure, but also tuned laser PBF processing

parameters to create specimens with a very fine α microstructure, reporting an α phase

thickness of 0.3 µm. The geometry of the specimens was not directly specified, but

we infer that a ∼4 mm diameter gauge section was used from [89]. The specimens

with the fine α microstructure exhibited fatigue performance superior to even the MM-

PDS reference data for HIPed cast product, while specimens produced with laser PBF

parameters leading to more typical martensitic microstructure performed below all the

MMPDS data [54]. Liu et al. 2014 [55] specified the test specimen (5.5 mm round bar)

but did not specify the microstructure. Being that their specimens performed similarly

to the combined response of both types of microstructures examined in Xu et al.’s [54]

work, both types of microstructures might have been present in these specimens. Crack

initiation sites were not identified, but considering the fatigue performance and the fine

microstructure relative to traditionally produced wrought product, we hypothesize that

fatigue crack initiation occurred at material defects.

With incomplete processing parameters given in all of the three publications men-

tioned above, it is hard to identify the difference in processing parameters responsible

for the poor fatigue performance of Edwards & Ramulu’s specimens. However, the ap-

plied energy density is almost a factor of two higher in Edwards & Ramulu’s work than

the other two, and the scan speed is a factor of two slower than what was reported by

Lin et al. Both or either of these could be the cause of the suspected high population of

defects in Edwards & Ramulu’s specimens.
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AM Ti-6Al-4V with Heat Treatment and As-built Surface

Rekedal et al. 2015 [49] conducted fatigue testing at R = 0.1 on dog bone shaped speci-

mens with a cross section of 10 mm x 3 mm. Three sides of the specimens were as-built,

while one side had been cut with a wire-EDM. After cutting, the specimens were heat

treated at 800 ◦C for 4 h to remove internal stresses. While fatigue crack initiation sites

were not unequivocally identified, the authors reported that cracks appeared to initiate

from defects on the AM surface and that relatively few internal defects were apparent on

the fracture surface. Consistent with these observations, the fatigue performance of the

specimens was slightly better than what was reported by Edwards & Ramulu [43], but

worse than the machined surface performance of specimens tested by Xu et al. 2015 [54]

and Liu et al. 2014 [55].

Wycisk et al. 2014 [52] also tested heat treated specimens without surface treatment.

Round specimens with a 5 mm diameter were tested at R = 0.1. As expected from the

previously discussed studies, fatigue cracks initiated from the surface of the specimens.

However, the fatigue performance of these specimens was superior to all other studies

with as-built surfaces. This is consistent with (1) the lower surface roughness reported

by Wycisk et al. 2014 [52] relative to other studies [43, 49], (2) the specimens being

comparatively defect free relative to Edwards & Ramulu’s, and (3) the less intense heat

treatment relative to Rekedal et al.’s, which presumably led to a finer microstructure that

would be more resistant to fatigue crack initiation.

AM Ti-6Al-4V with Heat Treatment and Machined Surface

Wycisk et al. [52,56] directly examined the effect of surface treatment on fatigue perfor-

mance by testing two additional sets of specimens that had been subjected to machining
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and shot peening. The application of both surface treatments produced a similar en-

hancement in fatigue performance, to the level of the cast and HIPed MMPDS data

introduced earlier. Wycisk et al. reported fatigue crack initiation both at the surface and

in interior of specimens from defects of up to ∼200 µm. This observation suggests that

the similarity in performance between the machined and shot peened specimens can be

attributed to internal defects governing fatigue performance.

Gong et al. 2012 [44] tested heat treated (4h at 650 ◦C) round bar specimens having

a 3 mm diameter cross section at R = 0.1. The as-built laser PBF surfaces were treated

with sandblasting. The specimens failed by fatigue crack initiation at their surfaces

and exhibited performance superior to all of the specimens that we have examined with

untreated surfaces.

The same laboratory also tested heat treated laser PBF specimens with machined sur-

faces (Rafi et al. 2013 [48]). In this case, the performance was significantly improved,

performing even better than the wrought MMPDS annealed data. Fatigue failure oc-

curred away from the surface of all specimens, and in some cases was linked to a defect

of ∼50 µm.

Hooreweder et al. 2012 [68] tested heat treated (4h at 650 ◦C) unnotched specimens

with a rectangle gauge cross section of 6 mm x 3 mm at R = 0. These specimens ex-

hibited poor fatigue performance and analysis of the fracture surface was not published.

While the specimens were not tested with as-built surfaces, the surfaces were created

with an EDM, which can considerably degrade fatigue performance [37].
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Figure 2.4: Uniaxial fatigue performance of AM Ti-6Al-4V specimens manufactured
via the laser PBF process tested at R = -1. Black symbols: no heat treat-
ment and as-built surface. Green symbols: no heat treatment and machined
surface. Yellow symbols: heat treatment and as-built surface. Red symbols:
heat treatment and machined surface. Purple symbols: HIP treatment. The
fit curves for the best performing data sets from Figure 2.3 are shown here
for comparison and three MMPDS fit curves are also included.

2.5.2 Laser PBF Ti-6Al-4V Specimens Tested at R = -1

To provide a benchmark for understanding the performance of laser PBF Ti-6Al-4V at

R = -1, a best fit curve corresponding to another set of reference data from the MMPDS

is shown in Fig. 2.4. This set of data was also obtained from specimens that were

machined from a 25.4 mm thick solution treated and aged (1 h solution treat at ∼700 ◦C,

3 h age at ∼538 ◦C) wrought plate as described earlier, but the specimens were tested at

R = -1. Comparing to the corresponding R = 0.01 MMPDS data provides an estimate
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of the error associated with comparing R = -1 data to R ≈ 0 data using σe f f .

Leuders et al. 2013 & 2014 [45, 46] evaluated the fatigue performance of laser

PBF Ti-6Al-4V at R = -1 for a variety of post build heat treatments. Round machined

specimens with a diameter of 3 mm were tested. They performed a minimum of three

tests at each stress level for a given condition, and thus the data points given in Fig.

2.4 correspond to averages. The authors attributed failure to the initiation of fatigue

cracks at defects in the interior of the specimens, even in the HIPed cases [46]. Leuders

et al. have suggested that it is not the largest defects that lead to failure but the most

populated ones [32], suggesting that factors beyond defect size play an important role

in fatigue crack initiation as in traditionally manufactured Ti-6Al-4V, e.g. proximity to

other defects, the surface [32], and weak β phases or large favorably aligned grains [33].

Specimens not subjected to any heat treatment performed comparable to the martensitic

specimens of Xu et al. 2015 [54] and within the scatter of Liu et al.’s 2014 [55] data.

When the specimens were subjected to a 2h at 800 ◦C heat treatment, no significant

change in the performance was noted except for two data points, i.e. a point from the

2013 data set and the lowest stress (400 MPa) value of 2014. Considering that the heat

treatment changes the microstructure from martensitic to a fine α microstructure, a gain

in performance similar to what was observed by Xu et al. 2015 [54] might be expected.

However, close examination reveals that the 2h at 800 ◦C treatment considerably coars-

ened the structure, offsetting the gain associated with eliminating the martensite. Con-

sistently, the 2h at 1050 ◦C heat treatment had the same effect, noting that the cooling

rate from this temperature would be most important.

When the specimens were subjected to a HIP treatment at 100 MPa, many of the de-

fects in the specimens were eliminated as noted earlier. This led to an increase in fatigue

performance, that was substantial for the 2 h at 920 ◦C treatment, where performance
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Figure 2.5: Uniaxial fatigue performance of AM Ti-6Al-4V specimens manufactured
via the e-beam PBF and wire-feed DED process tested at R ≈ 0. Black
symbols: no heat treatment and as-built surface. Green symbols: no heat
treatment and machined. Yellow symbols: heat treatment and as-built sur-
face. Red symbols: heat treatment and machined/electropolished surface.
Purple symbols: HIP reatment. The fit curves for the best performing data
sets from Figure 2.3 and the best performing HIP data from Figure 2.4 are
shown for comparison, and three MMPDS fit curves are also included.

surpassed all other studies that we are currently aware of. The other HIP treatment ex-

amined at 1050 ◦C, showed inferior performance, as expected, due to microstructural

coarsening.

Kasperovich & Hausmann 2015 [3] tested HIP treated (2h at 900 ◦C at 100 MPa then

1h at 700 ◦C) cylindrical specimens with a diameter of 5 mm at R = -1. Specimens with

as-built surfaces performed similarly to the best as-built surface performance discussed
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previously by Wycisk et al. 2013 & 2014 [52, 56]. Specimens with machined surfaces

were also tested. They demonstrated performance on par with MMPDS wrought data.

The fact that these specimens did not perform as well as Leuders et al.’s might be at-

tributed to the longer heat treatment producing a coarser microstructure, or an increased

population of defects. The Kasperovich & Hausmann’s [3] data suggests that the fatigue

performance at 10,000 cycles can be enhanced by approximately a factor of two if the

surfaces are machined, relative to the as-built condition, noting that the factor should

increase at longer fatigue lives. This very approximate factor is consistent with Wycisk

et al.’s data [52] and not necessarily inconsistent with Edwards & Ramulu’s results [43],

considering the scatter in their data.

2.5.3 E-beam PBF Ti-6Al-4V Specimens Tested at R ≈ 0

Edwards et al. 2013 [25] tested the fatigue performance of e-beam PBF specimens

having flat bar configurations with rectangular cross section (30 mm x 6 mm). Tests

were performed at R = -0.2 for specimens printed to net dimensions and those machined

to final dimensions. The specimens with the as-built surface performed similar to the

worst performing laser PBF specimens at R ≈ 0 (Fig. 2.5). The specimens with surface

treatment, i.e. machined and machined then shotpeened, performed better, but were still

inferior to MMPDS cast product. Analysis of failed specimens showed cracks initiating

from defects in all cases, but no quantification of the defect population was attempted.

Rafi et al. 2013 [61] also examined e-beam PBF specimens with machined surfaces

at R = 0.1. The geometry of the specimens was not specified. The fatigue performance

of the machined specimens is similar to Edwards et al.’s 2013 [25] machined result and

the fatigue cracks were also reported to initiate from interior defects. Rafi et al. at-
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tributed the inferior performance of their e-beam PBF specimens, relative to their laser

PBF specimens [48], to the presence of the martensite in the laser PBF specimens. How-

ever, this conclusion contrasts Xu et al.’s 2015 [54] finding that the fatigue performance

of a martensitic microstructure is inferior to a microstructure with fine α phase, for laser

PBF Ti-6Al-4V.

Brandl et al. 2011 [60] tested round bars produced via e-beam PBF. The bars had a

diameter of 5 mm and were tested at R = 0.1. The samples were HIPed at 843 ◦C for

4 h and electropolished to remove the potential residual stress. As shown in Fig. 2.5,

the fatigue performance of e-beam PBF Ti-6Al-4V can be significantly improved by the

HIP treatment, with performance similar to MMPDS wrought product. The microstruc-

ture consisted of α plates, ∼2 µm thick by ∼20 µm long, before the heat treatment was

applied. While not explicitly stated, the dimensions of the microstructure after heat

treatment were probably comparable to traditional wrought product, e.g. Nalla et al.’s

2002 [1]. Analysis of the fracture surface was not reported, but considering the mi-

crostructure and fatigue performance, the performance of these specimens may not have

been governed by AM internal defects, but rather the longest unobstructed slip band

path.

Ackelid & Svensson 2009 [53] also performed uniaxial fatigue tests on e-beam PBF

components with and without HIP treatment at R = 0.1. The HIP treatment was con-

ducted at 920 ◦C for 2 h with a pressure of 100 MPa. Their results are consistent with

the observations of previously presented studies, i.e. with a HIP treatment, e-beam PBF

products can exhibit performance comparable to MMPDS wrought data; while without

HIP treatment, performance is inferior to MMPDS castings, presumably due to differ-

ences in the defect population.
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2.5.4 Wire-feed DED Ti-6Al-4V Specimens Tested at R = 0.1

Brandl et al. 2010 & 2011 [40, 41] examined the fatigue performance of Ti-6Al-4V

manufactured with a wire-feed DED process. Both TIG and laser energy sources were

examined. Electropolished round bar specimens with a 1.5 mm diameter were tested at

R = 0.1. Specimens manufactured with laser energy were tested only after heat treat-

ment, i.e. 2 h at 843 ◦C, while TIG specimens were tested both in the heat treated and

un-heat treated conditions. As shown in Fig. 2.5, all specimens showed superb fatigue

performance superior to wrought MMPDS. The microstructures were similar for all the

cases, with the TIG wire-feed DED (also known as shaped metal deposition - SMD)

case being slightly coarser, consistent with the fatigue performance. Further, all cases

were suspected to have a coarser microstructure than the Leuders et al.’s 2014 [46] laser

PBF bars (2h HIP at 900 ◦C) as discussed previously, also consistent with fatigue per-

formance. Analysis of the fracture surface was not emphasized, but it is suspected that

AM defects did not play a significant role.

2.6 Perspective for Future Research

As evident from the data presented in section 4, nearly all fatigue studies of the AM Ti-

6Al-4V alloy have been conducted under load-controlled constant amplitude condition

with different R ratios (mostly -1 and 0.1). This is the case for other AM material fatigue

studies as well. One challenge in comparing data at different R ratios is incorporating the

effects of differences in both the mean and maximum stress levels. Although there are

a number of mean stress correction parameters available, none of them enjoy universal

acceptance. Different maximum stress levels arising from different R ratios can have a

significant effect on fatigue test results, as it is the maximum stress that controls yielding
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and the magnitude of plastic deformation. Therefore, to avoid this complication, it

is recommended to use fully-reversed loading (R = -1) as the standard baseline test

method. If testing other than fully-reversed loading is desired due to its relevance to

service loading condition, or due to testing capability limitations with fully-reversed

loading, then it is recommended to use fatigue data generated at the same R ratio for

comparative analysis.

The specimen geometry typically used for fatigue characterization of AM as well

as traditional materials is either a flat plate type or a cylindrical type geometry with a

reduced gauge section area. A challenge with compression loading, such as in fully-

reversed R = -1 loading, is specimen buckling, particularly for the plate type specimen

geometry. To avoid this problem, a small radius for the transition between the specimen

grip section width to gauge section width is often used in order to minimize the speci-

men length. This, however, results in a significant stress concentration at the transition,

promoting failure at this location rather than in the gauge section. For AM material test-

ing this challenge can be overcome by taking advantage of the high geometrical freedom

associated with the AM process. Specimens can be designed with a uniform width and

a thicker grip section, as opposed to the wider grip section in conventional specimen

design. This yields a much smaller stress concentration at the specimen grip to gauge

section transition, compared to conventional specimen design. However, regardless of

the specimen geometry chosen, it is important for it to be representative of the actual

component microstructure and defects, as well as other build process parameters which

in turn produce attributes affecting fatigue performance, such as residual stresses.

As the data presented in section 4 indicate, nearly all the fatigue data are for cycles

to failure less than 107 cycles and no clear plateau (i.e. fatigue limit) is exhibited by

any of the data sets. This is a typical fatigue behavior of materials where defects control
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crack initiation and failure, as was the case for the majority of the data sets presented

in section 4. In contrast, however, in some applications such as rotating machinery, the

life regime of interest is much higher, e.g. giga cycle fatigue. Testing in this life regime

is not feasible with conventional fatigue testing machines as frequencies are typically

limited to less than 100 Hz. New testing machines that can operate at kHz frequencies

are now more widely available to probe this important life regime in AM materials and

investigate the role of AM defects and their characteristics.

Although all of the fatigue data generated for AM materials, including those pre-

sented for the Ti-6Al-4V alloy in this manuscript were generated under load control,

strain-controlled testing is sometimes more appropriate for fatigue behavior character-

ization. It is well known that cyclic plastic deformation (either at the microstructural

level, or at the macroscopic level) controls fatigue life and strain is a more direct rep-

resentation of plastic strain than stress. The difference between the two control modes

becomes more significant as the level of plastic deformation increases, e.g. at stress

concentrations such as notches in components and/or during overloads under service

loading conditions. Fatigue cracks typically initiate at stress concentrations where the

cyclic plastic deformation at the notch root controls fatigue life and, therefore, strain-

life fatigue characterization may be more appropriate than stress-life (or S-N) charac-

terization. In dealing with stress concentrations, it should be recognized that the stress

gradient also play a key role in fatigue performance. The common practice of using

the maximum stress at stress concentrations from finite element analysis, without con-

sideration of the stress gradient, can lead to over-conservative design and predictions.

Detailed discussion of strain-life material characterization method and properties can be

found in Stephens et al. 2000 [90].

The focus of all the mechanical behavior studies of AM materials has so far has
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been on tensile and S-N fatigue behaviors and properties. Cyclic deformation behavior

characterization is an important aspect that can be vastly different from tensile stress-

strain characterization. Phenomena such as strain hardening, stress relaxation, and phase

transformation are dependent on the microstructure obtained from AM process param-

eters and heat treatments, and can be evaluated by cyclic deformation testing. Such

testing and characterization are necessary for cyclic plasticity modeling of AM materi-

als, an integral part of predicting fatigue performance of AM parts.

S-N curve and data are generated under constant amplitude loading, while service

load histories are often variable amplitude in nature. Under such loading, effects such

as load sequence and interactions become important. Applicability of the commonly

used linear cumulative damage rule for life prediction needs to be investigated for AM

materials under variable amplitude or service loading conditions. If periodic overloads

exist in the load history and the AM material microstructure is such that cyclic hard-

ening or softening occurs during the overload cycles, then deformation memory effect

becomes an important consideration. For such cases, using a damage parameter involv-

ing both stress and strain terms may be more appropriate for fatigue life analysis than

using stress or strain in the conventional S-N or strain-life approaches. It should also

be noted that while a fatigue limit or endurance limit may be exhibited under constant

amplitude loading, such limits do not generally exist under variable amplitude loading.

In such cases, stress or strain amplitudes below the endurance limit from a S-N or strain-

life curve generated from constant amplitude loading, will cause fatigue damage under

variable amplitude service load histories.

In spite of directional properties of AM materials, nearly all fatigue characteriza-

tions of these materials have been for uniaxial loading condition, including those for

AM Ti-6Al-4V alloy, as presented in section 4. Not only are many components often
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subjected to multiaxial stresses, but the anisotropic properties of AM materials make

their multiaxial fatigue evaluation more critical. Conventional techniques such as von

Mises effective stress, which may work for simple multiaxial stressing of conventional

isotropic materials, cannot be directly applied to anisotropic AM materials. This is

even more critical for non-proportional multiaxial loading, which is typical of service

load histories. In addition, the residual stress field which typically results from the AM

processes and significantly affects the fatigue behavior, is multiaxial. Therefore, investi-

gating and understanding multiaxial loading effects of AM materials is essential for their

successful usage in fatigue critical applications. More details on multiaxial fatigue and

characterization can be found in [91]. Again, taking advantage of the geometrical free-

dom of the AM process, more suitable specimens than currently used for conventional

materials can be designed for multiaxial fatigue characterization of AM materials.

Some other aspects related to fatigue behavior may also be critical to some applica-

tions. For example, creep-fatigue interaction and thermo-mechanical fatigue are other

important considerations at elevated temperatures. Such conditions may be present in

AM Ti-6Al-4V parts for aerospace applications, such as turbine blades. It should also

be noted that while the data presented and the discussion in this manuscript were lim-

ited to fatigue crack initiation, fatigue crack growth can also constitute a very significant

portion of the total life in some parts. In addition, the damage tolerant design philos-

ophy commonly used in the aerospace industry requires material fatigue crack growth

characterization. While some preliminary fatigue crack growth and fracture toughness

data have been generated for AM Ti-6Al-4V alloy [25,32,45,48,50], discussion of crack

growth aspects is beyond the scope of this paper.

To produce AM functional parts, qualification and certification will be needed to

ensure safety, consistency, and reliability of performance. The current qualification or
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certification procedures rely on a “building block” concept and a statistical approach

based on extensive mechanical test data to quantify uncertainty with respect to material

and process variations. The expensive and time consuming building block design pro-

cess involves many stages based on physical testing at each stage, starting from material

property evaluation testing and ending with full-scale verification testing. Such a pro-

cess is not suited for utilizing the advantages of AM processing, e.g. high geometric

freedom to design and/or integrate radical and innovative parts. Therefore, quicker and

more cost effective qualification and certification approaches may need to be developed

to fully utilize AM parts.

Developing an effective qualification and certification approach requires a good un-

derstanding of the large number of machine-to-machine and process parameter vari-

abilities, and their impact on fatigue performance variability. The development of op-

timum standardized scanning strategies, test methods, and non-destructive evaluation

techniques for complex AM geometries made of AM materials, such as lattice and

porous structures, are needed. There are currently more than 100 process parameters

reported in the literature which affect AM material performance, only a few of which

are considered and discussed in the literature data presented in the previous sections. In

addition, the scan strategy used can have a significant influence on attributes such as the

produced residual stresses or subsurface defect creation, which in turn significantly af-

fect fatigue performance. The scan strategy used to produce AM specimens for the data

presented in the previous sections was not reported in most of the studies, but needs

to be considered and reported in future studies as its effect can be as important as the

process parameters selection.

With regards to development of standardized test methods, although many testing

standards currently exist for measuring mechanical properties of conventional metal-
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lic materials including fatigue and fracture properties, they need to be tailored to AM

materials to provide additional details such as anisotropy effects. ASTM Committee F-

42 on Additive Manufacturing Technologies is currently developing such a standard to

serve as a guideline for applying currently available ASTM standards for conventional

materials to AM materials.

The needed understanding of the aforementioned aspects for AM part qualification

and certification can be facilitated by integrating experiments and computational mod-

eling in the spirit of “Integrated Computational Materials Engineering” (ICME). In this

approach material models at multiple length scales and across the range of physical

phenomenon relevant to AM are integrated. These include energy absorption, thermal

transport, melting, crystallization, and fatigue crack initiation and growth. Understand-

ing how process parameters affect the material structure, and in turn material properties,

can provides the needed link between process-structures-properties-performance of AM

materials.

2.7 Conclusions

Our examination of published fatigue data has revealed that the performance of AM

Ti-6Al-4V is governed by the same features that control traditional cast and wrought Ti-

6Al-4V products, i.e. surface finish, residual stress, internal defects, and microstructure.

Fatigue performance superior to wrought and annealed Ti-6Al-4V has been demon-

strated with laser PBF, e-beam PBF, laser wire-feed DED, and TIG wire-feed DED AM

processing techniques. The superior fatigue performance of these well prepared speci-

mens can likely be attributed to the fine microstructure that can be achieved with AM

processing.
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In no instance was the superior fatigue performance possible without a post process-

ing surface treatment. In fact, the best demonstrated performance of specimens without

surface treatment is less than traditional cast products. The surfaces of untreated PBF

AM specimens exhibited considerable roughness, which is thought to be the source of

this deficiency. The surfaces associated with the wire-feed DED AM process appear

much smoother and specimens with no surface treatment may exhibit good fatigue per-

formance, but to our knowledge this has not been demonstrated.

In many studies, post build heat and HIP treatments were performed. With respect to

fatigue performance, the heat treatment removes residual stresses and the HIP treatment

reduces internal defects. The TIG wire-feed DED process is the only AM process to date

that we are aware of that has been demonstrated to outperform traditional wrought prod-

uct without either of these treatments. The laser wire-feed DED and laser PBF processes

have been demonstrated to outperform traditional wrought product when heat treated,

and e-beam PBF has only been demonstrated to outperform traditional wrought product

with HIP treatment. While fatigue performance can be qualitatively correlated with mi-

crostructure and defect population, quantitative correlations useful for rapid certification

were not apparent. Further, no robust quantitative correlations between published AM

processing parameters and fatigue performance were evident.

Considering the AM fatigue data presented here (particularly the results of Xu et al.

2015 [89] and Leuders et al. 2014 [46]) and the ability to control material microstructure

with the AM process, we believe that the full potential of AM with respect to fatigue

performance has yet to be realized for AM Ti-6Al-4V. To unlock this potential, further

refinement of AM processing parameters is needed, a task that could be accelerated by

the publication of complete sets of processing parameters, and the further development

of models/understanding linking processing conditions to microstructure and defects,
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and ultimately performance.

We point out that while the best performing data sets involve traditional post process-

ing treatments, the absolute need for such treatments has not been established. There-

fore, there is no reason to believe that further optimization of AM processing parameters

will not allow for the application of AM structural components without post processing.

A particular challenge in utilizing AM components is rapid one-off certification, with

the current ability to robustly link microstructure and defects to fatigue performance

lacking. For such models to be developed and validated, more complete characteriza-

tions of defect populations and their spatial distribution, e.g. in relation to free surfaces,

are needed alongside fatigue test data from well characterized specimens, e.g. surface

treatment. Unquestionably, the certification framework should be cognizant of the ap-

plication and the aspects discussed in section 5 to ensure safe and reliable performance.
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CHAPTER 3

INVESTIGATION OF THE MECHANISMS BY WHICH HOT ISOSTATIC

PRESSING IMPROVES THE FATIGUE PERFORMANCE OF POWDER BED

FUSED TI-6AL-4V

3.1 Abstract

Hot isostatic pressing (HIP) is often needed to obtain powder bed fused (PBF) Ti-

6Al-4V parts with good fatigue performance. This manuscript attempts to clarify the

mechanisms through which HIP treatment acts to improve high cycle fatigue perfor-

mance. Several mechanisms are considered and examined against experimental data

sets available in the literature. The results suggest that HIP may act most significantly

by decreasing the fraction of the defect population that can initiate fatigue cracks, both

by decreasing defect sizes below a threshold and by changing the microstructure that

surrounds defects. Given the novelty of the latter conclusion, an electron backscatter

diffraction microscopy study was performed for validation. The gained understanding

provides initial guidance on the choice of optimum HIP soak parameters (Temperature-

Pressure-Time) for the high cycle fatigue performance of PBF Ti-6Al-4V.

3.2 Introduction

Powder Bed Fusion (PBF) is an additive manufacturing technique that utilizes directed

laser or electron beam energy to selectively fuse a bed of metal powder, layer-by-layer.

PBF has been particularly appealing to the aerospace and medical device industries, as

it offers an economical route to produce low volumes of geometrically complex parts.
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As PBF technology has developed, challenges of thermal stress, surface roughness and

build defects have been at the forefront, particularly for load bearing applications. While

significant effort has gone into improving the PBF process to overcome such challenges,

current applications often rely on post processing treatments to rectify.

In fatigue critical applications, the presence of build defects that initiate fatigue

cracks can significantly degrade mechanical performance [92]. In such cases, post pro-

cessing treatment typically involves hot isostatic pressing (HIP) and subsequent surface

machining. The HIP treatment step consists of subjecting the part to an inert gas pres-

sure at an elevated temperature, shrinking sub-surface defects via a hydrostatic pres-

sure [14, 93, 94]. The subsequent surface machining is performed to remove the unaf-

fected defects at the surface as well as the inherent surface roughness associated with

powder-bed processes. It is now well established that this post processing route is ef-

fective at changing the fatigue failure mode from initiation at surface and build defects

to initiation at large microstructural features. Further, PBF specimens post processed in

this way have fatigue performance on par with traditionally processed materials. We il-

lustrate this in Fig. 3.1, showing the results of several independent but comparable high

cycle fatigue studies for laser PBF Ti-6Al-4V, the material of focus for this manuscript.

The fatigue data of traditionally manufactured Ti-6Al-4V from the Metallic Materials

Properties Development & Standardization [6] is used as a reference, which corresponds

to specimens with a gage diameter of ∼ 5 mm machined from a 25 mm thick solution

treated and aged plate (1 h solution treat at ∼ 926 °C, 3 h age at ∼ 538 °C).

The benefits of HIP treatment are not free. HIP treatment significantly coarsens the

α laths in PBF Ti-6Al-4V, as shown throughout the literature and in the micrographs pre-

sented in this paper. As specific examples, Wycisk et al. [95] showed that HIP treatment

results in a coarsening of α lath thickness from < 1 µm to approximately 4 µm in laser
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PBF Ti-6Al-4V subjected to HIP treatment, and Seifi et al. [96] reported a doubling of

the α lath width in electron beam PBF. Such microstructural coarsening is thought to

be detrimental to high cycle fatigue performance and other properties [3, 45, 48, 97, 98].

For laser PBF Ti-6Al-4V, Leuders et al. [46] has specifically shown that HIP treatment

at 1050 °C is inferior to 920 °C, and attributed this result to greater microstructural

coarsening occurring in the 1050 °C case. Similar observations have been made in other

materials, e.g. laser PBF AlSi12Mg [99]. This has motivated HIP treatments at higher

pressures and lower temperatures together with rapid cooling [100] to limit microstruc-

tural coarsening. However, the extent to which these strategies can be pushed, while still

neutralizing fatigue governing defects, needs to be established.

Figure 3.1: High cycle fatigue performance of HIP treated laser PBF Ti-6Al-4V reported
from 3 independent research groups ( [3–5]) and MMPDS wrought and aged
Ti-6Al-4V [6]. To allow for comparison, the fatigue performance is charac-
terized by the expected life at σeff = 600 MPa, via linearly fitting the pub-
lished S-N data in a log10-log10 space and using Walker’s method [7] to nor-
malize differences in stress ratio, σeff = σmax(1−R

2 )0.28. HT represents heat
treated. The gray shaded area highlights the HIP’d and surface machined
data.

To optimize the HIP treatment of PBF parts, an understanding of the controlling

46



mechanisms is key. While an appreciable number of studies have been performed to

examine effects of HIP on the fatigue behavior of PBF Ti-6Al-4V [3–5, 10, 46], limited

clarity has emerged regarding the mechanism, i.e. how does HIP improve high cycle

fatigue performance? Accordingly, published studies involving HIP treatments of laser

PBF Ti-6Al-4V have largely followed traditional guidelines: not less than 100 MPa

within the range 895 to 955 °C under inert atmosphere; hold at the selected temperature

within ± 15°C for 180 ± 60 min, and cool under inert atmosphere to below 425 °C [14].

This manuscript is aimed at clarifying the underlying mechanisms by which HIP

treatment improves the high cycle fatigue behavior of PBF Ti-6Al-4V. It begins in sec-

tion 2 by examining several plausible mechanisms considering data published in the

open literature. The analysis points to a decrease in the population of defects above a

critical size and suggests that consequential changes in the microstructure surrounding

defects are the key mechanisms through which HIP treatment acts to improve high cycle

fatigue performance. The novelty of the latter mechanism motivated a confirming elec-

tron backscatter diffraction (EBSD) microscopy study, which is discussed in section 3.

Finally, the implications of the results are examined in section 4, where optimum HIP

treatment parameters are discussed and modeled. Interestingly, while microstructure in

the neighborhood of defects is found to be of primary importance to the effectiveness of

HIP treatment, HIP process modeling must still involve the evolution of defect size, as

this controls microstructural evolution.

Focus is directed towards the laser PBF process, but electron beam PBF results are

referenced when additional insight is offered. With that said, we suspected much of the

analysis to be relevant to electron beam PBF material, with the recommended HIP pa-

rameters for laser PBF being a conservative bound for the electron beam PBF case. In

all cases, the manuscript is focused on specimens that have undergone a surface treat-
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ment step after HIP, e.g. machining. The fatigue performance of as-built PBF specimens

manufactured with current technology is governed by defects at or near the surface of

the specimen [92]. These defects are not generally neutralized by HIP and heat treat-

ments [93,101]; and thus, a surface treatment post-processing step is necessary for good

high cycle fatigue performance (Fig. 3.1). In other words, the scope of the manuscript

is limited to specimens governed by fatigue crack initiation from interior defects, i.e.

surface treated specimens subjected to high cycle fatigue loading.

3.3 Why is hot isostatic pressing (HIP) effective?

Studies to date have indicated that heat treatment alone offers negligible improve-

ment of laser PBF Ti-6Al-4V fatigue performance [3, 46, 92], except perhaps in cases

where the relief of residual stresses is important [43, 45]. Defect populations have

been shown to change substantially under HIP treatment (but not heat treatment) [3]

and are the observed source of the life limiting fatigue cracks in surface treated speci-

mens [43, 52, 55, 102]. Microstructure evolution during HIP treatment is not expected

to be substantially influenced by the ≤1 GPa hydrostatic pressure [103], consistent with

the similar appearance of SEM micrographs [3] and EBSD phase maps [46] compar-

ing HIP and heat treated specimens that experienced the same thermal history. Thus,

with respect to high cycle fatigue performance, the effectiveness of HIP treatment can

be attributed to its action on the potential fatigue crack initiating defects.
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3.3.1 Elimination of defects

HIP treatment is often reported to eliminate sub-surface defects, both in laser PBF Ti-

6Al-4V [45, 95, 104, 105] and electron beam PBF Ti-6Al-4V [96, 106, 107]. However,

closer inspections suggest that this is not the case. With high resolution X-ray computed

tomography (CT) (4 µm)1, Kasperovich et al. [3] detected a sub-surface defect volume

fraction of 0.012 % after HIP of laser PBF Ti-6Al-4V, where the as-built defect volume

fraction was 0.077 %. Similarly, starting with an even greater as-built sub-surface defect

volume fraction, Leuders et al. [32] found a ∼ 0.112 % defect volume fraction after HIP,

with defect sizes up to ∼ 86 µm.

Several works point to an increasing internal pressure of insoluble argon gas within

defects, as the reason that defects in laser PBF Ti-6Al-4V do not fully close during

HIP treatment [110]. The argon gas can originate not only from the laser PBF build

chamber, but also from the gas atomization process used to create Ti-6Al-4V powder.

The role of the latter is apparent when considering HIP treatment of electron beam PBF

Ti-6Al-4V parts built in vacuum. Both Cunningham et al. [111] and Tammas-Williams

et al. [112] observed the regrowth of gas pores during heat treatment following HIP of

electron beam PBF Ti-6Al-4V, but no regrowth of lack of fusion defects which do not

have an internal argon pressure [111].

Given the above, it appears incorrect to assert that the removal of defects is the

mechanism by which HIP treatment improves high cycle fatigue performance.

1While the interpretation of X-ray computed tomography data is not without its challenges and limi-
tations [108, 109], at present we have no reason to suspect measurement/interpretation of artifacts would
alter the conclusions reached in this manuscript.
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3.3.2 Reduction of defect size and change in defect shape

While HIP treatment does not remove defects, it can substantially reduce defect size [32,

113]. Textbook wisdom is that decreasing the size of fatigue crack initiating defects will

improve fatigue performance [114], until a limit is reached where fatigue performance

becomes controlled by other features. This has been observed in steels, aluminums, and

brass, for defect sizes down to 10 - 100 µm depending upon the material and loading

[114] (∼ 107 life cycles). In titanium alloys, we are aware of no data that supports

a relationship between individual defect size and high cycle fatigue performance for

defect sizes below 200 µm [115].

In laser PBF Ti-6Al-4V, Leuders et al. [32] observed that the largest defects identi-

fied with X-ray CT were not responsible for fatigue failure, across as-built, heat-treated,

and HIP treated cases. In the HIP treated case, defects of 100’s of µm were found,

yet fatigue failure initiated at α phase facets. In all cases, the failure initiated from de-

fects or facets greater than 40 µm. In electron beam PBF Ti-6Al-4V, Tammas-Williams

et al. [113] reported the same storyline, i.e. the largest defects were not ultimately

responsible for fatigue failures and small defects, less than 5 µm, did not initiate fa-

tigue cracks [101]. We note that these reports are consistent with the high cycle fatigue

literature on conventionally cast Ti-6Al-4V, where Eylon [116] showed the most geo-

metrically dominating defect (∼ 1 mm) to not be associated with failure in HIP treated

material.

As a whole, this data supports the idea that individual defects in Ti-6Al-4V can be

of sufficient size to govern high cycle fatigue performance but still small enough to do

so in a size independent manner. The bounds of this size range do vary among reports,

but we contend that this is not surprisingly considering that variations in microstructure

and loading can have a significant impact on high cycle fatigue behavior of Ti-6Al-
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4V [117]. The lack of defect size dependence across a greater range of sizes in Ti-

6Al-4V is consistent with the importance of crack initiation in high cycle fatigue life

in these alloys; relative to steels, aluminums, and brass, where short crack growth from

defects determines high cycle fatigue life (∼ 107 cycles) [114, 115]. The data of Masuo

et al. [118] supports this assertion in that it shows a clear defect size dependence in

PBF Ti-6Al-4V down to ∼ 40 µm in low cycle fatigue tests (. 105 cycles) where crack

growth is known to dominate life, even in Ti-6Al-4V.

Regarding the importance of defect shape, Zhang et al. [119] have shown that heat

treatment can smooth the geometry of defects in laser PBF Ti-6Al-4V; yet, the fatigue

performance of heat treated and as-built specimens is known to be indistinguishable

when residual stresses do not govern [3, 46]. This point is consistent with traditional

wisdom on aluminum and steels [114, 120], where only the projected area of the defect

has a substantial effect on high cycle fatigue performance. Accordingly, we assume

that defect shape is not a governing factor in high cycle fatigue performance within the

context of this study. Nonetheless, we do note that such an assumption is expected to

be invalid as defect size becomes large [121] and the concepts of traditional fracture

mechanics become applicable.

Considering that the defects which lead to high cycle fatigue failure in well built PBF

Ti-6Al-4V specimens tend to be below ∼ 200 µm [3,32,113,118], we assert that it would

be inconsistent with available data to assume that defect size and shape play a substantial

role in the high cycle fatigue performance of this material, with the constraint that defect

size remains sufficient to initiate fatigue failure. In HIP treated laser PBF Ti-6Al-4V, we

take this limit to be ∼ 40 µm following Leuders et al. [32].
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3.3.3 Decrease in crack initiating defect population

While defect size and shape are not expected to be controlling parameters of Ti-6Al-4V

high cycle fatigue performance, provided defect size is sufficient to initiate a fatigue

crack (above ∼ 40 µm), a general reduction in defect size will decrease the number of

defects above ∼ 40 µm; and thus, decrease the defect population that has been observed

to initiate fatigue cracks, ultimately improve fatigue performance [3,4]. We have exam-

ined this possibility with a simple model built upon three overarching assumptions.

First, in the context of the specimens and loadings considered here, the number of

loading cycles to specimen failure (specimen fatigue life, N f ) can be accurately ap-

proximated as the number of cycles required to initiate a fatigue crack. Second, we

assume that potential initiation sites act independently of each other. This implies that

the survival probability of two sets of specimens, differing only by number of defects

per specimen, are related by the ratio of defects between sets,

P(log10 N f > log10 n f ) = S A(log10 n f ) =
(
S B(log10 n f )

)η
, (3.1)

with η representing the ratio of defects between sets. In other words, P(log10 N f >

log10 n f ) represents the probability that the logarithm of the randomly sampled fatigue

life, N f , is greater than a specified logarithm of fatigue life, n f . We have labeled the two

sets of specimens that differ only by the number of defects per specimen as A and B.

The first assumption is typical for high cycle fatigue studies. It was specifically

tested for the fatigue data in Fig. 3.4, which is the basis for the conclusion of this

section. Using finite element analysis [122], FRANC3D [123], and long crack growth

data for 800 °C heat treated laser PBF Ti-6Al-4V (da/dN vs. ∆KI) in [45], the number

of cycles to grow a crack from 127 µm to 800 µm was predicted for a 3 mm round

specimen. A loading amplitude of σa = 404 MPa was considered as a bounding case
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where the crack growth life has the most substantial contribution to the failure data in

Fig. 3.4. The crack growth life was considered to be the number of cycles to grow

a crack over the range that linear elastic fracture mechanics is valid following ASTM

standard [124]. The number of cycles associated with crack growth above this range was

considered minuscule, and the number of cycles associated with crack lengths below

was considered to be associated with crack initiation processes. The range of stress

intensity factors, ∆KI = 5.1 − 16.2 MPa
√

m, was within the range of the input crack

growth data in [45], such that no extrapolation of crack growth data was required. The

predicted value of linear elastic fatigue crack growth life was only 1 % of the fatigue

life (∼ 10 million cycles) for the heat treated failure data in Fig. 3.4. This percentage

will decrease with loading amplitude and will be smaller for the HIP’d data in Fig. 3.4.

Thus, the above calculation bounds the error of the first assumption and supports its use.

We contend that the second assumption is reasonable considering the length scales

involved. The average spacing between defects, with sizes larger than 40 µm, is 280 µm

in the Ti-6Al-4V specimens that we will ultimately study in this section. This is signifi-

cantly greater than that required for appreciable elastic interactions between nucleating

cracks; i.e. even when two coplanar penny cracks are separated by only one forth of

their diameter, the amplification to the stress intensity factor is only ∼ 6 % [125]. Fur-

ther, the average defect spacing is considerably greater than the microstructural length

scale (α domain size of ∼ 60 µm [3]), meaning that defect interactions due to nonlocal

micro-plasticity would likely be negligible. Or in other words, the mean free path for

dislocations is expected to be substantially less than the distance between build defects.

With (1) the number of cycles to initiate a fatigue crack from a specific defect being

an independent random variable, (2) the fatigue life of the specimen being the minimum

crack initiation life of all its defects, and (3) the number of defects being substantially
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greater than unity, we view the data from the perspective of asymptotic order statistics

[126]. From this vantage, the specimen survival function is taken to be

S A(log10 n f ) = e−
( log10 n f −θA

λA

)κA
. (3.2)

For convenience, we have used the logarithm of the specimen fatigue life to be the

random variable, log10 N f .

The shape parameter, κA, is associated with the evolution of the failure rate with

respect to log10 n f . The location parameter, θA, controls the minimum observable value

of log10 N f , which in practice would arise from specimens with large visible defects

being discarded before fatigue testing. The remaining parameter, λA, controls the the

variance of log10 N f .

The dependence of S on the relative number of fatigue crack initiating defects in a

specimen can then be obtained by plugging Eq. 5.5 into Eq. 4.3,

S A(log10 n f ) =
(
S B(log10 n f )

)η(
log10 n f − θA

λA

)κA
= η

(
log10 n f − θB

λB

)κB
(log10 n f − θA)κA

(log10 n f − θB)κB
= η

(λA)κA

(λB)κB
,

(3.3)

and noting that Eq. 3.3 applies for a range of n f values, requiring κA = κB and θA = θB.

This reduces Eq. 3.3 to

λA =
λB

η
1
κ

. (3.4)

It is common for fatigue data to be collected across a range of loading magnitudes,

e.g. σa. On a log10-log10 axis, the data is often well described by a linear relationship,

provided the dominating mechanism controlling fatigue life remains constant,

E
[
log10 N f

]
= AA log10 σa + BA, (3.5)
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with E being the expectation operator. This relationship is traditionally referred to as an

S-N or Wöhler curve. AA and BA are estimated by ordinary least squares linear regres-

sion of the collected failure data in a log10-log10 space, e.g. log10 σa vs log10 N f . This

approach assumes that the variance of log10 N f is independent of log10 σa, an assumption

that is consistent with high cycle fatigue experimental data over ranges where the fail-

ure mechanism and S-N slope remain constant [127]. On this point, we note that some

publications do show a stress dependent variance of fatigue life [128], but this occurs

over a range where the slope of the S-N curve is not linear and multiple mechanisms are

likely to act.

The stress independence of the variance of the fatigue life is the third assumption in

the modeling framework. This assumption leads to κA and λA being stress independent,

which becomes evident by considering that κA is independent of the number of defects

in a specimen but not λA:
∂Var(log10 N f )
∂ log10 σa

= 0

∂
[
λ2
A

(
Γ (2KA − 1) − (Γ (KA))2

)]
∂ log10 σa

= 0

1
λA

∂λA
∂ log10 σa

−
1
κ2
A

∂κA
∂ log10 σa

∂Γ(2KA−1)
∂(2KA−1) − Γ (KA) ∂Γ(KA)

∂(KA)

Γ (2KA − 1) − (Γ (KA))2 = 0,

(3.6)

where KA = 1 + 1
κA

.

The stress independence of κA and λA implies that the stress dependence of the

fatigue life distribution must arise entirely through θA. We contend that this conclusion

is consistent with the mechanistic origins of κA, λA, and θA when the distribution of

fatigue life is far above zero, i.e. high cycle regime. The conclusion implies identically

sloped S-N curves for sets of specimens (e.g. A and B) that only differ by their number

of defects; considering

∂E
(
log10 N f

)
∂ log10 σa

=
∂
(
θA + λAΓ

(
1 + 1

κA

))
∂ log10 σa

=
∂
(
AA log10 σa + BA

)
∂ log10 σa

(3.7)
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together with the stress independence of κA, λA, and BA, which gives

∂θA
∂ log10 σa

= AA, (3.8)

which shows that AA is independent of the number of defects in the specimen, i.e. AA =

AB, via θA = θB.

Schweiger and Heckel [8] have generated high cycle fatigue data that is controlled

by crack initiation and can be used to validate the modeling framework introduced to

this point. Their work is rare in that it was a study specifically aimed at fatigue life

distribution. Schweiger and Heckel’s data corresponds to the results of a large number of

high cycle fatigue tests on sets of aluminum specimens that only differed by the number

of macroscopically drilled holes in a specimen. Here we consider two sets of specimens

having either 1 or 7 drilled holes of equal characteristics. Considering that fatigue cracks

initiate from defects in the vicinity of the holes, the sets of specimens can be interpreted

as differing by the number of potential crack initiating defects. We first computed the

mean logarithm fatigue life log10 N f for the two sets of specimen data, and then chose

the only free parameter κ governing S A(log10 n f ) and S B(log10 n f ) by a simultaneous

least squares fit to the corresponding estimators, Ŝ A(log10 N f ) and Ŝ B(log10 N f ), in a

linearized space, e.g. ln
(
log10 N f − θ

)
vs ln

(
ln

(
S −1

))
, where κ is the slope and λ is the

exponent of the negative intercept over κ. Corresponding to the two sets of specimens,

η is taken to be 7. The small sample sizes of subsequently presented data sets and the

intuitive graphical nature of the least squares regression approach motivated its use over

maximum likelihood parameter estimation. Ŝ A(log10 N f ) and Ŝ B(log10 N f ) were taken

to be Kaplan-Meier estimators [129].

As shown in Fig. 3.2, the distribution of fatigue life for the seven and single holed

specimens can be well fit by the model introduced in this section, with R2 values of 0.98

and 0.92 respectively. The fit model parameters are θ = 4.93, λA = 1.08, λB = 1.42
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Figure 3.2: Weakest link model applied to high cycle fatigue data of Schweiger and
Heckel [8]. Sets of otherwise identical specimens had either a single or
seven drilled holes. The lines represent model fits. The quality of the fits
suggest the ability of the weakest link model to capture the effects of differ-
ent defect populations.

and κ = 7.29. The ability of the model to fit the data shown in Fig. 3.2 supports its

application in contexts where the difference in fatigue performance between two sets of

specimens is governed by differences in fatigue crack initiating defect populations.

The application of the theoretical framework to stress dependent data is validated

using the data set of Shirani and Härkegård [9]. These authors examined the fatigue

life of two sets of ductile cast iron specimens, differing in size. Noting that all failures

were surface initiated, the ratio in the surface area of the gage sections was considered

equivalent to the ratio of fatigue crack initiating defects between the two sets of speci-

mens. Accordingly, η = 5.98 in this case. Other size effects resulting from differences

in strain gradients and material microstructure were assumed negligible. As shown in
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Fig. 3.3a, log10-log10 least squares regression was performed on the S-N curves for

both data sets to estimate AA, BA, AB, and BB with the constraint that AA = AB = A,

referring to the large specimens as set A and the small specimens as set B. With the

values of A, BA, and BB determined, the fatigue data of each set was collapsed to the

maximum stress level of the fatigue data, σa = 260 MPa and only a single free param-

eter κ remains in the model. This parameter is chosen by a simultaneous least squares

fit of S A(log10 n f ) and S B(log10 n f ) to the corresponding estimators, Ŝ A(log10 N f ) and

Ŝ B(log10 N f ), in a linearized space. The fit resulted in θ = 0.0, λA = 4.7, λB = 5.0 and

κ = 27.6, which yielded R2 values of 0.82 and 0.76 respectively (Fig. 3.3b). Considering

(1) the small number of samples in each data set, (2) the potential importance that crack

growth might play in this study relative to crack initiation, and (3) the effects of differ-

ent cooling rates in the small and large specimens during casting (which would create

different microstructures); the model captures the relation between the fatigue life and

the number of fatigue crack initiating defects relatively well.

Figure 3.3: (a): Shirani and Härkegård’s [9] high cycle fatigue data and linear S-N fit
for two sets of specimens differing only in size. (b): Weakest link model
applied to Shirani and Härkegård’s data using the fits shown in (a). The
lines represent model fits. The quality of the fits in (b) suggest the extent to
which the weakest link model can capture the effect of differences in defect
populations on S-N data.

For the laser PBF case, the data of Günther et al. [10] was examined, as it provides

S-N data for laser PBF Ti-6Al-4V after both a 800 °C heat treatment and a 920 °C HIP
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treatment. While the difference in defect population between these two sets of speci-

mens was not measured, the same research group [32] has quantified the difference in

the defect population between as-built and HIP treated conditions for specimens printed

on the same machine with the same build parameters. Considering the experimental

data in [45,46,73], we assume that a 800 °C heat treatment does not influence the defect

population relative to the as-built condition. Thus, we took the ratio of the number of

defects above 40 µm in heat treated and HIP treated specimens to be 8.6 from the data

presented in Leuders et al. [32].

Figure 3.4: (a): Günther et al.’s [10] high cycle fatigue data and linear S-N fit for two sets
of specimens, HIP’d and heat treated. Censored data is represented by hol-
low symbols, and was classified as such either due to lack of failure during
test or failure via a surface initiated crack. (b): Weakest link model applied
to Günther et al.’s data using the fits shown in (a). The lines represent model
fits. The lack-of-fit is taken to suggest that the benefits of HIP treatment
cannot be explained by a weakest link model considering the impact of HIP
treatment on the defect population.

As done in the validation cases, log10-log10 least squares regression was utilized

to find AA, BA, AB, and BB for Günther et al.’s fatigue data [10], with the constraint

that AA = AB = A and referring to the heat treated specimens as set A and the HIP

treated specimens as set B (Fig. 3.4a). Censored data was included in the fit via the in-

out method [130]. The censored data included run-outs at low stress levels and surface

initiated failures at high stress levels. With AA, BA, AB, and BB obtained, the fatigue data

of each set was collapsed to the maximum stress level of the uncensored data, σa = 561
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MPa.

Then, as done previously, we chose the remaining free parameter κ governing

S A(log10 n f ) and S B(log10 n f ) by a simultaneous least squares fit to the correspond-

ing estimators in a linearized space. Fitting both the heat treated and the HIP treated

specimen data gave θ = 1.46, λA = 4.22, λB = 6.61 and κ = 4.79, which yielded R2

values of 0.87 and 0.37 respectively (Fig. 3.4b). The inability of the model to accu-

rately fit the data suggests that the difference in fatigue performance between the two

sets of specimens cannot be solely attributed to a difference in fatigue initiating defect

population2. In other terms, the model and the data in Fig. 3.4 show that the variability

in the collected fatigue life data would need to be much larger for differences in defect

population to explain the difference in fatigue performance between the HIP’d and heat

treated specimens.

The data in Fig. 3.1 is consistent with this assertion. It does not suggest the fatigue

performance of HIP’d specimens to depend on the quality of the specimens prior to HIP

treatment. In other words, Fig. 3.1 suggests that a fractional reduction of the original

fatigue crack initiating defect population by HIP does not explain the gains in fatigue

performance due to HIP treatment.

3.3.4 Improvement of material microstructure

It is well established that HIP treatment of laser PBF Ti-6Al-4V evolves the microstruc-

ture. Under the typical process route, the fine (∼ 500 nm) lamellar martensitic (α’)

structure changes to a coarsened α lamellar structure with ∼ 3 µm lamellae thicknesses

and ∼ 60 µm lengths (noting that the latter number depends on the cooling rate from the

2We note that this conclusion is only made stronger if the 3 most outlying points in the heat treated
data in Fig. 3.4b are removed from the fitting procedure.
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HIP soak temperature) [3, 4, 46, 95]. Published SEM micrographs of HIP’d laser PBF

Ti-6Al-4V appear similar to those of heat treated laser PBF Ti-6Al-4V [3], suggesting

that the pressure associated with HIP treatment does not play a role in the microstruc-

tural evolution3. Yet, there is a substantial difference in fatigue performance between

HIP’d and heat treated specimens that have experienced similar thermal histories [3],

which we have shown in the previous section cannot be explained by differences in the

defect populations/characteristics. Following these points, we contend that a significant

factor contributing to the improvement in fatigue performance of HIP’d specimens may

be that the evolution of the microstructure near defects is different in HIP’d cases than

heat treated cases. This observation is not to be expected from existing micrographs of

HIP’d and heat treated microstructures, because the microstructure near defects was not

specifically sought out (considering the average spacing between defects and the field

of view of published micrographs). Noting the substantial change in defect volume that

occurs during HIP treatment, appreciable plastic deformation near defects would be a

likely driver of a difference in microstructure near defects.

3.4 Characterization of microstructure surrounding defects in

HIP’d Ti-6Al-4V

Motivated by the outcome of the previous section, the microstructure near defects in

laser PBF Ti-6Al-4V was examined via EBSD microscopy. Cylindrical specimens with

a length of 160 mm and a diameter of 12 mm were built in a vertical orientation at In-

codema3D on an EOS M280 machine with default settings (e.g. 260 W laser power,

1.2 m/s scan speed, 30 µm layer thickness, and 140 µm hatch spacing) from TEKMAT

3Noting that a careful comparison of HIP’d and heat treated laser PBF Ti-6Al-4V microstructures is
not yet available.
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Ti64-53/20 powder. After the build, specimens were heated treated in vacuum by Body-

cote: 650 ± 25 ◦C for 180 ± 15 min, followed by air cool. Finally the specimens were

HIP treated at Quintus Technologies: 920 °C and 100 MPa for 120 min, then cooled at

5 °C/min and depressurized at 0.3 MPa/min for 140 min.

Figure 3.5: (a & b) EBSD α phase orientation maps at two locations away from defects
and specimen surfaces in HIP treated laser PBF Ti-6Al-4V. EBSD maps
were collected by cross-sectioning the specimen perpendicular to the build
direction (and specimen loading axis). Crystal orientations in the inverse
pole figure (IPF) map are normal to the cross section. (c) Scatter plot show-
ing the maximum length of α grains in the scanned plane as a function of
the distance to the origin of the image (bottom left corner). The x-axis was
chosen to enable direct comparison with Fig. 3.6d.

Prior to HIP treatment, X-ray computed tomography was performed on a Zeiss Versa

520 micro-CT system with an acceleration voltage of 140 kV, current of 71.6 µA, and

power of 10 W. 1601 projections were collected on a scintillator detector while the

sample was rotated 360◦ at 4 - 5 s exposure time. Low density regions of eight or more

contiguous voxels were classified as defects. With this definition and a 7 µm voxel

size, 713 defects were detected in a 317 mm3 volume prior to HIP treatment. After

HIP treatment, no defects were detected following the same procedure. For reference, a

sphere of 17 µm diameter would occupy the volume of eight 7 µm voxels.

Specimens were sectioned perpendicular to the build axis and mechanically polished

for EBSD orientation mapping. The EBSD analysis of the sectioned surface away from
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Figure 3.6: (a, b & c) EBSD α phase orientation maps near defects in HIP treated laser
PBF Ti-6Al-4V. EBSD maps were collected by cross-sectioning the speci-
men perpendicular to the build direction (and specimen loading axis). Crys-
tal orientations in the IPF map are normal to the cross section. (d) Scatter
plot showing the maximum length of α grains in the scanned plane as a func-
tion of the distance to the center of the defect (where in (c) only the top right
pore was analyzed.)

its edges showed the expected basketweave microstructure (Fig. 3.5a&b). Considering

the 862 grains captured in two images/locations, the average lengths of the long and

short axis of the α grains on the sectioned surface were 10.5 and 2.2 µm. The length of

the long axis of the α grains is shown in Fig. 3.5c. Consistent with existing literature,

build defects were absent in the images of random locations on the cross section, due

63



to the low number density of defects, i.e. 713 defects per 317 mm3, equivalent to 1

defect per ∼ 1 cm2 of cross section assuming defect diameters of ∼ 5 µm after HIP. An

extensive search in the HIP’d material located 3 defects with sizes of 5.1, 6.5 and 2.8 µm

(Fig. 3.6a,b&c). The microstructure surrounding thees three defects was characterized

by the long axis length of α grains and their proximity to the center of the defect. The

lengths of the long axis of the grains are shown in Fig. 3.6d. Comparing to the data

obtained in Fig. 3.5a&b, there appears to be a lack of large grains in the vicinity of the

defects.

To better establish this point, the observation of α grain size was considered as a

Bernoulli variable, whereby grains having a long axis greater than 12 µm were classified

as long. No long grains were found to reside within 18 µm of the three defects examined

(0 out of 244); yet, away from defects, 28 % of the grains were long (241 out of 862). 18

µm represents about twice the global averaged length of the long axis of grains. As a null

hypothesis we considered the two sets of data to be independent samples from the same

probability distribution. In this case, the estimated probability of observing a long grain

in a micrograph of HIP’d material is 22 %. This implies that the probability of randomly

observing no long grains (or an equal or greater fluctuation from the expectation) within

18 µm of defects is 2.6E-14 in a sample size of 244. Thus, the null hypothesis is very

unlikely given the EBSD observations made here. In other words, it is very likely that

the distribution of grain size near defects is substantially different than the distribution

of grain size away from defects in the HIP’d material.

Examination of the microstructure prior to HIP treatment supports that it is the HIP

process that makes the microstructure near defects substantially different from the bulk.

Examining the microstructure near 3 defects prior to HIP treatment (Fig. 3.7), 22 of

143 grains were classified as long, within 18 µm of defects. At distances beyond 18 µm
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from defects, 104 of 475 grains were classified as long. Not too different than the HIP’d

case, the estimated probability of observing a long grain in a micrograph prior to HIP

treatment is 20 %, assuming both samples are from the same distribution. Consequently,

the probability of randomly observing ≤ 22 long grains within 18 µm of defects (or an

equal or greater fluctuation from the expectation) is 21 % in a sample size of 143. Thus,

the data does not support the rejection of the argument that the microstructure near

defects is similar to that away from defects prior to HIP treatment. This supports the

assertion that the difference in microstructure near defects in the HIP’d material is due

to the HIP process.

Figure 3.7: (a & b) EBSD α phase orientation maps around three defects in laser PBF
Ti-6Al-4V prior to HIP treatment. EBSD maps were collected by cross-
sectioning the specimen perpendicular to the build direction (and specimen
loading axis). Crystal orientations in the IPF map are normal to the cross
section. (c) Scatter plot showing the maximum length of α grains in the
scanned plane as a function of the distance to the center of the defect. The
images and the scatter plot do not show a distinct difference in the mi-
crostructure near defects than that away from defects in contrast to the HIP
treated material.

The above finding is consistent with literature on HIP compaction of Ti-6Al-4V

powder. Guo et al., Zhang et al., and Cai et al. [131–134] have each independently ob-

served a fine equiaxed microstructure in the consolidated material at locations where

powder particles had fused together. This contrasted the widespread lamellar mi-

crostructure (similar to that of the starting powder) that was observed at other locations
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that presumably underwent substantially less deformation during compaction. This tran-

sition from lamellar to more equiaxed microstructure is also apparent near the HIP’d

defects identified in this work (Fig. 3.6a). Furthermore, in traditional Ti-6Al-4V, Ey-

lon [116] has shown a substantial difference in microstructure between two locations in

a HIP’d casting. One location was near a previously mm sized pore and the other was

in a region having no observable porosity prior to HIP treatment. The chemistry at both

locations was found to be not significantly different, suggesting the differences in post

HIP’d microstructure were due to the plastic deformation that occurred near the pore

during HIP treatment.

The deformation that occurs near defects or at the interfaces of prior powder particles

during HIP has similarities to the typical processing route used for wrought Ti-6Al-4V.

In both cases, substantial deformation in the α+β temperature range occurs. Tradition-

ally, hot working of Ti-6Al-4V is known to improve high cycle fatigue performance by

creating a microstructure that is less susceptible to fatigue crack initiation [97,135,136].

On this point, Semiatin et al. [137] have examined the strain and temperature required

to globularize Ti-6Al-4V lamellar microstructures. The required conditions are well

within what might be expected to occur near defects during standard HIP processing.

Further, Perumal et al. [138] have shown that such microstructural transformations are

also possible when starting from a martensitic microstructure, which is more similar to

the HIP treatment of PBF Ti-6Al-4V.

In summary, our EBSD observations show the microstructure evolves differently

near defects during HIP treatment. We have used the long axis of α grains to characterize

the microstructure, but note that other attributes may be distinguishable as well, e.g. as-

pect ratio, texture, volume fraction of β phase4. This finding is consistent with previous

4Noting that in all EBSD observations the volume fraction of β phase was found to be less than 6 %
and disregarded in the orientation maps for simplicity.
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reports on powder compaction and traditionally cast Ti-6Al-4V, and is congruent with

the traditional wisdom that deformation can induce microstructural evolution. While

there are several reasons to believe that the hot worked microstructure near defects will

inhibit fatigue crack initiation (as with wrought Ti-6Al-4V [117, 135, 136, 138]), more

work is required to firmly establish this final point.

3.5 Modeling the role of HIP on high cycle fatigue performance

A comprehensive understanding of the relationship between defects, microstructure, and

high cycle performance remains an ongoing research challenge. Accordingly, it is not

yet feasible to comprehensively predict high cycle fatigue performance from HIP treat-

ment parameters. Nonetheless, some guidance on parameter selection can be given.

From a high cycle fatigue perspective, the goal of HIP treatment is to neutralize subsur-

face crack initiating defects. The optimum HIP parameters will achieve this goal while

minimizing detrimental microstructural coarsening [3, 45, 46, 48, 97, 98]. Accordingly,

the optimum HIP treatment parameters correspond to the minimum soak temperature

and time required for HIP treatment to neutralize crack initiating defects at the maxi-

mum pressure capacity of the HIP chamber.

Building from the previous sections, we assert that the neutralization of fatigue crack

initiating defects requires a reduction in defect size, either to sizes below ∼ 40 µm or to

the extent that the microstructure surrounding the defect evolves sufficiently to neutral-

ize fatigue crack initiation. The latter case is considered here in that it is independent of

as-built defect sizes, and thus provides a conservative bound on optimum/minimum HIP

parameters (for cases where initial sizes of failure causing defects are below an upper

bound, . 200 µm). As a conservative guess, we consider an 80 % decrease in defect di-
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ameter to be effective in neutralizing defects with respect to fatigue crack initiation. For

laser PBF Ti-6Al-4V, the data available in existing literature shows that a 33 % to 50 %

decrease in defect diameter is sufficient for neutralizing crack initiating defects [3, 32].

Regardless, the recommendations are relatively insensitive to this value given the shape

of the curves in Fig. 3.8.

We describe the action of HIP treatment on defect size using a simple continuum

mechanics model introduced by Wilkinson and Ashby [139]. Considering an infinite

nonlinear viscous medium under hydrostatic stress, the volume of a spherical defect/void

follows [140]

V̇ = −
3
2

S A
(
3|∆P|

2n

)n

V, (3.9)

where ∆P = Pe − Pi is the difference between external Pe and internal pressure Pi of the

defect, | | is the absolute value operator, S is the sign of ∆P, V is the current volume of

the spherical defect, A and n are the material parameters associated with the constitutive

law, i.e. ε̇ = Aσn for a uniaxial strain rate, ε̇, and stress state, σ. For the defect sizes

relevant to fatigue crack initiation, the role of surface energy can be neglected without

loss in accuracy [110, 139].

The spherical defect case is particularly useful in that it bounds the evolution of all

defect morphologies. Specifically, Lee and Mear [140] have shown that for a nonlinear

viscous material under hydrostatic stress, the volumetric strain rate for both oblate and

prolate defects exceeds that for a spherical defect. Thus, the evolution of the spherical

defect is a conservative bound on the effectiveness of HIP treatment to improve fatigue

performance.

While Eq. 3.9 applies directly to argon filled pore defects, lack of fusion defects

containing unmelted powder particles are also common in as-built PBF materials. The

consolidation of these defects parallels powder sintering, a process which has also been
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well described by continuum mechanics following Wilkinson and Ashby [139]. Using

the simplifications of Helle et al. [141], the lack of fusion defects with interior filled by

powders are predicted to evolve from their starting relative density of ∼ 0.63 to ∼ 0.9

in a small fraction of the time required for the remainder of the densification. When

the interior of lack of fusion defects reaches a density of ∼ 0.9, they will consist of

distinct gas pore defects with dimensions less than the powder diameter, likely making

them inert to fatigue crack initiation. Considering this point together with the prediction

that the initial stages of consolidation inside lack of fusion defects proceed quickly, the

parameters governing an effective HIP treatment are dictated by the closure of gas pore

type defects.

Table 3.1: Parameter constants used for Wilkinson-Ashby’s model fit from experimental
data of the as-cast/as-received Ti-6Al-4V bars during hot working.

Source A n Temperature (°C) Starting Microstructure

Sechacharyulu et al.

1.374E-16 5.817 750

Lamellar
3.561E-14 5.084 800
1.142E-09 3.265 850

2002 [12] 5.787E-08 2.775 900
3.762E-11 3.279 950

Sechacharyulu et al.

5.112E-11 3.477 750

Equiaxed
4.723E-10 3.338 800
9.734E-10 3.444 850

2000 [11] 9.734E-08 3.053 900
5.523E-09 4.132 950

Perumal et al. 2016 [138]
3.146E-10 4.054 880

Martensitic
9.414E-11 5.144 950

Zhang et al. 2017 [13]
1.342E-10 3.882 800

Martensitic
5.333E-11 4.505 850

Luo et al. 2010 [142]

1.253E-10 3.887 820

Bimodal
2.387E-08 3.011 870
3.053E-08 3.322 910
1.949E-07 3.137 930
8.417E-07 4.054 960

To apply Wilkinson and Ashby’s model [139, 140] to simulate defect evolution dur-
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ing HIP of laser PBF Ti-6Al-4V, the material constants, A and n, are needed. There

is considerable uncertainty in the choice of these parameters, as they depend on the

microstructure, temperature, strain rate, and strain during tests. Considering the avail-

able literature and the timescales associated with the HIP process, we focus on strain

rates between 0.0003 s−1 and 0.01 s−1. Fitting to available data in [11–13, 138, 142],

Table 3.1 has been constructed to convey the range of values that the governing material

parameters might take when considering HIP treatment of laser PBF Ti-6Al-4V.

For each case in Table 3.1, the evolution of a spherical argon filled defect is predicted

following Eq. 3.9, again noting that this conservatively bounds the effectiveness that one

might expect from HIP treatment on a population of defects having various character-

istics, including those in electron beam PBF. HIP pressures of 100 and 200 MPa were

considered and the initial pressure inside the defect was taken to be the atmospheric

value of 0.1 MPa, following our understanding of typical laser PBF machines and gas

atomization chambers for Ti-6Al-4V powders [101]. To convey the nature of defect size

evolution and its dependence on the relevant parameters, results for several cases are

displayed in Fig. 3.8. Noting that internal pressure will equilibrate with external pres-

sure at a 90 % decrease in diameter with a HIP pressure of 100 MPa and 92 % with 200

MPa, the curves illustrate that the majority of defect closure of ∼ 80 % occurs quick

relative to its final stages.

Using the parameter constants in Table 3.1, the times required to obtain the initial

rapid decrease in defect diameter of 80 % are plotted on a time/temperature map (Fig.

3.9). The data points corresponding to 100 and 200 MPa HIP soak pressures are encap-

sulated by a shaded region to give an overall sense of the predictions. If one considers

a decrease in defect diameter of > 80 % to be sufficient for neutralizing defects with

respect to high cycle fatigue crack initiation, the map can then be interpreted as provid-
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Figure 3.8: The predicted diameter evolution of spherical argon filled pore type defects
using material constants from Table 3.1. Cases of starting lamellar [11],
equiaxed [12] and martensitic [13] microstructures with HIP pressures of
100 and 200 MPa, and HIP temperatures of around 900 °C are shown here
for reference.

ing guidance for minimum HIP treatment temperatures given the pressure capacity of

the furnace and the budgeted time (with times and temperatures to the upper right of the

shaded regions being sufficient for effective HIP treatment of defects). The traditionally

recommended ASTM HIP parameters (represented by the gray shaded region in Fig.

3.9) are consistent with the predictions [14].

3.6 Summary and conclusions

In total, published laboratory test results of multiple independent research groups have

established a post processing route (HIP + subsequent surface treatment) capable of

producing laser PBF Ti-6Al-4V with high cycle fatigue performance on par with tra-
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Figure 3.9: Predicted temperature-time map of HIP soak conditions required to decrease
defect diameters by at least 80 %. The colored regions encapsulate pre-
dictions made with the same HIP pressure but different material properties
resulting from different starting microstructures and data collection proce-
dures. Based on current understanding, times and temperatures above the
colored regions are likely to neutralize fatigue initiating defects in the bulk.
The gray block represents the standard HIP practices commonly used [14].

ditional wrought processed material. Contrary to statements published elsewhere, the

open literature (and the microscopy performed here) suggests that subsurface defects

are not eliminated by successful HIP treatments. With that said, it is indisputable that

the size of defects is decreased by HIP treatment. While in some cases successful HIP

treatment reduces the size of all defects below a critical limit where they can no longer

dictate high cycle fatigue life, this is not universally true. In other words, HIP treat-

ment can yield good high cycle fatigue performance without decreasing the size of all

defects below a critical limit. Moreover, we find that changes in the number of defects

of size sufficient to nucleate fatigue cracks cannot explain the performance gain asso-

ciated with HIP treatment (utilizing a weakest link model to analyze published fatigue
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performance data relative to defect size distributions). These results motivated a hy-

pothesis that the microstructure evolves differently near defects during HIP treatment,

considering that heat treatment alone has been shown to not improve high cycle fatigue

performance when controlled by defects. This hypothesis is confirmed by the examina-

tion of EBSD microscopy. Using the maximum length of α grains as the distinguishing

characteristic, we found the microstructure to be more refined near defects. This finding

has several implications. First, qualification of fatigue critical parts will be conservative

if based solely on defect size, i.e. a HIP’d part might display large defects (∼ 40 µm

to ∼ 200 µm) but have good high cycle fatigue performance. Second, the selection of

build parameters that do not necessarily minimize defect populations might provide a

benefit when HIP post processing is used. Specifically, an increased population of build

defects might lead to a greater fraction of material with a refined microstructure after

HIP. Third, the optimum HIP parameters (those which coarsen the microstructure away

from defects the least, while still neutralizing crack initiating defects) are determined

by considering the local strain required to neutralize defects during HIP treatment. A

model built upon the third point was found to predict HIP parameters consistent with

the standard practice, and suggests parameter combinations that might be useful when

moving to longer HIP soak times and HIP chambers with greater pressure capacities.
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CHAPTER 4

PREDICTING THE FATIGUE PERFORMANCE OF LASER POWDER BED

FUSED TI-6AL-4V COUPONS OF DIFFERENT GEOMETRIES

4.1 Abstract

Understanding the role of geometry on the mechanical performance of powder bed fused

(PBF) components is a necessary step towards an ultimate goal of a predictive process-

structure-performance modeling framework. In this spirit, two sets of specimens only

differing in gage surface area were uniaxially fatigue tested. Significantly different fa-

tigue performance was observed between the two geometries, despite being manufac-

tured in the same laser power bed fusion (L-PBF) build. Possible origins of the differ-

ence in the fatigue performance were examined, ultimately leading to the finding that

the change in fatigue performance due to a change in specimen geometry can be cap-

tured with a weakest link model that takes as input the ratio of defect density and ratio

of surface area between the two specimens. Given the identified structure-performance

relationship, we then examined the ability of thermal process modeling to link changes

in defect density with changes in geometry at the coupon scale.

4.2 Introduction

Powder Bed Fusion (PBF) is an additive manufacturing technique that utilizes directed

laser or electron beam energy to selectively fuse a bed of metal powder, layer-by-layer.

PBF has been particularly appealing to the aerospace and medical device industries, as

it offers an economical route to produce low volumes of geometrically complex parts.
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As PBF technology has developed, issues of thermal stress, surface roughness, build de-

fects, and microstructure have been at the forefront, particularly when considering load

bearing applications [19, 92, 143–145]. While much progress has been made advancing

PBF technology, more effort is needed to scale current understanding from laboratory

test coupons to real-world components, with published studies in this area [24–27] rep-

resenting a very small fraction of the total AM literature.

Currently PBF processing parameters are often chosen independently of component

geometry [146]; and thus, the thermal history of the build is linked to component ge-

ometry due to finite size effects. Accordingly, microscopic defects and material prop-

erties will depend on component geometry [21, 75, 147] via their dependence on ther-

mal history. Therefore, robust process-structure-performance models applicable to the

component scale are required before the geometric freedom offered by PBF can be fully

utilized in low volume applications where traditional certification methodologies cannot

be applied and the avoidance of mechanical failure is paramount [148–150]. This might

be most true in the context of fatigue critical components, where subtle microscopic

features can have very significant implications [151, 152].

Focusing on fatigue performance, the present study attempts to take a small but nec-

essary step towards the goal of PBF process-structure-performance modeling applicable

to the component scale. Specifically, it seeks to uncover the origin of an observed dif-

ference in fatigue performance due to a very mild change in geometry, i.e. a change

in the gage diameter of round test bars. To be relevant to many current aerospace

and biomedical applications [153, 154], focus is aimed at laser power bed fused (L-

PBF) Ti-6Al-4V. After describing the collected fatigue test results from two sets of

test specimens, we investigate possible explanations for the geometric effect, such as

mechanical interactions between fatigue cracks and the specimen geometry, microstruc-
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ture, surface roughness, and build defects. Considering the difficulty of characteriz-

ing such features on real components, the ability of process modeling to predict the

most controlling feature is explored. As a whole, the described results are intended to

motivate future process-structure modeling efforts and providing a foundation for fu-

ture structure-performance studies of greater complexity, moving closer to the goal of

processing-structure-performance prediction at the component scale.

4.3 Fatigue test

4.3.1 Procedures

Two geometries of fatigue specimens were constructed using the laser powder bed fusion

technique (L-PBF). The gage section of the two sets had the same volume but different

length, diameter, and surface area. We will refer to the set with gage section diameter

of 6.06 mm as D6, and 4.00 mm as D4. In both cases, the geometry followed ASTM

E466 [155] as close as possible (Fig. 4.1a). The specimens were built with the long

axis at an angle of 45◦ to the substrate, and were obtained from a single build in an

EOS M290 machine as shown in Fig. 4.1b. LPW grade 23 Ti-6Al-4V powder was

used in reconditioned form, i.e. new powder mixed with recycled powder sieved at 80

µm. Build parameters recommended by the manufacturer were used, e.g. laser power

of 280 W, scan velocity of 1200 mm/s, hatch spacing of 140 µm and layer thickness of

30 µm. To exclude the influence of stripe width in this study, stripe width was set to

100 mm. The linear scan vectors for successive layers were offset from each other by

66◦. Two contour scans were performed on each layer with a laser power of 150 W and

scan speed of 1250 mm/s. The inner contour scan was 20 µm away from the edge of the
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specimen and the outer contour scan path. The build was performed at 80 °C ambient

temperature in an Ar environment. Before removal from the substrate, all the specimens

were stress relieved at 700 °C for 1 h under Ar environment with subsequent air cooling.

The surfaces of all specimens were untreated, i.e. as-built condition.

Figure 4.1: (a) Specimen geometries for fatigue tests. All measurements are in mm.
Specimen #1 and #2 are denoted as D6 and D4 respectively throughout this
manuscript. (b) The layout of D4 and D6 specimens in the build chamber.
Note that D5 specimen refers to specimens with a gage diameter of 4.90 mm
which are not discussed in this manuscript.

Uniaxial fatigue tests were conducted on an MTS servo-hydraulic testing frame with

a load capacity of 100 KN in force-controlled mode with a stress ratio of R = -1 at

ambient conditions. A strain gaged specimen was used for alignment with the MTS 709

alignment system before testing. Alignment was further confirmed by monitoring the

randomness of the crack initiation location relative to the machine orientation. Fractured

surfaces were observed by scanning electron microscopy (SEM) in a Zeiss FE-SEM

machine. The true load bearing area (including the microscopic surface roughness)

was observed via SEM of the gage cross section. Deviations of less than 3.8 % were

observed relative to the as drawn dimensions. Thus, specimens were assumed to have

the as drawn dimensions throughout the following analysis.
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4.3.2 Results

Figure 4.2: Stress-life curves for specimen D6 and D4. Arrows refer to runouts. The two
lines represent the best linear fit that describes the logarithmic dependence
of the fatigue life on the stress amplitude.

The results of the fatigue testing are shown on a typical stress-life (SN) plot in Fig.

4.2. Following traditional fatigue literature in cases where a single failure mechanism

dominates, the relation between fatigue life N f and stress amplitude σa at the log10-log10

scale is modeled as

E
[
log10 N f

]
= A log10 σa + B, (4.1)

where A and B were estimated by ordinary least squares with the runout data included

via the in-out method [130] and E is the expectation operator. The fitting of the two

data sets was coupled, in that the slopes of fit lines of the two data sets in log10-log10

space are constrained to be identical, i.e. AD6 = AD4. This constraint was imposed for

consistency with the assumption made in the following paragraph and the weakest link

model developed in section 4.4.4. The best fits of the two sets of fatigue data gave AD6

= AD4 = -4.36, BD6 = 15.56, and BD4 = 15.11.

Subsequent analysis is greatly simplified if the variance of log10 N f is assumed to

be independent of log10 σa. This assumption is consistent with high cycle fatigue ex-

perimental data over a range where the failure mechanism and S-N slope remain con-

stant [127]; while we note that some publications do show a stress dependent variance
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of fatigue life [128], this occurs over a range where the slope of the S-N curve is not

linear and multiple failure mechanisms are likely to act. Further, this assumption is

consistent with traditional modeling approaches that describe fatigue life N f as a power

law function of σa, such as when (1) N f is governed by Paris’s law of fatigue crack

growth [156], (2) the initial crack size, ai, is much smaller than the final crack size, and

(3) the variability in N f is not governed by the material parameter n and p,

N f = mσa
nai

p. (4.2)

Extending the assumption of stress independent variance, we take A to describe the

change in the quantiles of log10 N f with respect to log10 σa; and thus, the failure data

can be collapsed to a single stress amplitude σa value for comparison. In doing this,

subsequent statistical analysis suggests that the fatigue performance of the D4 geometry

is significantly different than the D6 geometry. More specifically in the analysis, the

Kaplan-Meier estimators [129] of the survival functions were computed at σa = 450

MPa for the D4 and D6 geometries. From the corresponding estimate of the cumulative

distribution functions, the two sample Kolmogorov-Smirnov (K-S) statistic indicates

that the D4 and D6 failure data are from distinct distributions to a 95% confidence level.

4.4 Analysis

4.4.1 Specimen geometry and crack growth

As the fatigue crack grows, it will interact with the boundaries of the specimens, re-

sulting in an increased stress intensity factor relative to a semi-infinite medium case.

This interaction will begin to occur at smaller crack sizes in the D4 specimens, bias-
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Figure 4.3: Typical SEM images of fracture surfaces of as-built specimen (a) D6 at a
constant stress amplitude of 300 MPa and (b) D4 at a constant stress ampli-
tude of 200 MPa.

ing D4 specimens to fail earlier. The importance of this effect was investigated by fa-

tigue crack growth analysis using standard finite element software ABAQUS [122] and

FRANC3D [123].

Figure 4.4: Finite element model setup with ABAQUS and FRANC3D.

An initial semi-elliptical surface crack of 5 µm was inserted at the mid-specimen

height as shown in Fig. 4.4. The geometry of the crack was evolved using 47 distinct

geometries, up to a size of ∼ 2 mm. The geometries were obtained by assuming that
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the local advancement of the crack along its front is proportional to the square of ∆KI

and a constraint on the median crack extension between each geometry. Then, using

appropriate fatigue crack growth data (da/dN vs. ∆KI) and finite element calculations

of KI along the crack front for each geometry, the number of cycles to grow a crack

from an initial to final size can be predicted at each stress level. The cycle count at a

particular step was taken to be the average cycle count computed along the crack front.

The final crack size was considered to be the upper bound of the range that linear elastic

fracture mechanics is valid following ASTM standard [124], where we note that the

fatigue life associated with crack growth beyond this size should be negligible in the

current context. The initial crack size was chosen so that the predicted number of cycles

to grow the crack to its final size corresponds with the SN data in Fig. 4.2 for the D6

geometry.

A list of fatigue crack growth data (da/dN vs. ∆KI) for 800 °C heat treated laser PBF

Ti-6Al-4V was extracted out from [45] and linear interpolation was performed between

discrete data points at log10-log10 scale. With this set of fatigue crack growth data and

the computed stress intensity factors from FRANC3D, the initial crack size was chosen

to fit the SN data of D6 geometry using least squares regression. An initial crack of

326 µm gave the best fit with a R2 value of 0.90. For instance, at σa = 450 MPa, the

number of cycles to grow a crack from 326 µm to ∼1 mm was predicted to be ∼ 104

with a stress intensity range ∆KI = 9.3− 17.9 MPa
√

m. It should be noted that the fitted

defect size, 326 µm, is not necessarily indicative of the true defect size that initiates the

life governing fatigue crack due to the length dependent growth rate of small cracks. In

this way, the initial crack size used here should be considered an effective defect or flaw

size, consistent with a vast literature that predicts fatigue life using fracture mechanics

and effective initial flaw size (EIFS) [157,158]. In Ti-6Al-4V, the accelerated growth of

small cracks has been documented at sizes below ∼ 1 mm [114, 115], and thus, the true
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defect size might be smaller than the effective size obtained via our fit.

The model was then used to predict the response of the D4 geometry, using the same

initial crack size, the same criterion for determining final crack size [124], and crack

growth rate as used for the D6 specimen modeling. As shown in Fig. 4.5, there is a

lack of correspondence between the model predictions and experimental data for the

D4 specimen, i.e. R2 = 0.62 on the log 10-log 10 plot. The figure shows that while

the effect of specimen size on crack growth does contribute to the difference in fatigue

performance between the D4 and D6 geometries, it is not responsible for the majority

of the difference.

Figure 4.5: Fit of fatigue crack growth model to D6 geometry data and prediction of D4
geometry data. An initial crack of 326 µm was used for both geometries.
The stress level of 100 MPa is not considered here, in that multiple fatigue
mechanisms might be involved at this stress level.

4.4.2 Microstructure

The microstructure of the longitudinally sectioned D4 and D6 specimens examined in

the previous section was investigated. The samples were mechanically polished to a

mirror finish and then etched for 10 s using Kroll’s reagent. The etched surfaces were
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observed using an optical microscopy to reveal the as-built microstructure. Fig. 4.6a&b

shows columnar prior β grain structure in both specimens parallel to the build direction.

There does not seem to be significant difference between the microstructures of the two

specimens.

To give a quantitative idea about the difference in microstructure between the two ge-

ometries, mechanically polished specimens were also examined with electron backscat-

ter diffraction (EBSD) orientation mapping as shown in Fig. 4.6c&d. The α grain sizes

were characterized via their observed major axis. Considering 513 grains captured in

Fig. 4.6c and 545 grains in Fig. 4.6d, the length of the major axis of the grains is mea-

sured as shown in Fig. 4.7. The data in Fig. 4.7 suggests that the size of α grains the D4

and D6 specimens appears similar, e.g. the sampled average α grain sizes of D4 and D6

specimens are 12 and 11 µm respectively. While the data for the two specimens does

suggest a statistically significant difference between the two geometries1, the magnitude

of the difference appears small relative to that needed to impact mechanical properties

in Ti-6Al-4V [159]. Thus, the microscopy data does not suggest that microstructure is

the source of the observed difference in fatigue performance between the D4 and D6

geometries.

4.4.3 Surface roughness

Fractography suggested that all failures were due to fatigue crack initiation near or at

the surface as shown in Fig. 4.3. This motivated surface characterization on both sets

of specimens to explore whether a difference in the surface roughness might explain the

difference in fatigue performance.

1Analyzing an empirical cumulative density function of the grain size distribution (Fig. 4.7b) with
a two sample Kolmogorov-Smirnov (K-S) test, indicates that the grain size distributions in D4 and D6
specimen are statistically different to a confidence level of 95%.
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Figure 4.6: As-built microstructure of specimen (a) D6 and (b) D4 using optical mi-
croscopy. (c & d) EBSD α phase orientation maps of specimen D6 and
D4. EBSD maps were collected by cross-sectioning the specimen along the
loading axis direction of the specimen. Arrows represent the build direction.

The surface roughness of a D4 and D6 specimen was characterized with a Keyence

VK-X260 laser scanning confocal microscope. Characterization was performed on both

the upward and downward facing surfaces, relative to the build plate. Subsequently, the

upward facing surface is denoted as up-skin and downward facing surface as down-skin.

In each case, data was gathered from 21 line profiles of 1.2 mm in length along the long

axis of the specimen, with a 1.4 µm pixel size. In each of the 4 cases, a two dimensional
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Figure 4.7: (a) Scatter plot showing the maximum length of α grains in the scanned
plane as a function of the distance to the origin of the images (bottom left
corner) in Fig. 4.6c&d. (b) Empirical cumulative density function of the
maximum length of α grains in Fig. 4.7a.

secant curve was fitted to the surface profiles and roughness was characterized relative to

this curve. Table 4.1 lists the values of average roughness (Ra), peak-to-valley roughness

(Rz) and the corresponding standard deviations.

It is noted that the down-skin surfaces were rougher than the up-skin surfaces for

both geometries, which is correlated with differences in thermal history (section 4.5).

From a linear elastic fracture mechanics perspective, this is consistent with the fractog-

raphy which showed all failures to originate from the down-skin surfaces. Comparing

the down-skin surface of the D4 and D6 specimens indicates that Ra and Rz are not

significantly different between D4 and D6 specimens considering the standard deviation

of measured values. In addition to the data reported in table 4.1, additional specimens

from each geometry were examined to explore the effect of build location within the

PBF chamber. The results were consistent with those in table 4.1, i.e. the surface rough-

ness of D4 and D6 is similar2 and the down-skin is significantly more rough than the

up-skin.

To further investigate this point, the D4 and D6 specimens were sectioned along

2We note that this conclusion is inconsistent with [160] due to a greater amount of smoothing in the
cited reference.
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the center line of the longitudinal axis to reveal an up-skin and down-skin surface line

profile. The down-skin surface profiles of etched sections were examined by optical

microscopy as shown in Fig. 4.8a&b. No apparent difference was evident between the

two specimens. However, optical microscopy of the cross sections showed build defects

just below the surface that would likely be highly detrimental to fatigue performance as

shown in Fig. 4.8c, but not detectable from traditional surface roughness analysis. The

role of such defects will be considered in section 4.4.4.

Table 4.1: Surface roughness measurement by confocal microscopy. SD refers to stan-
dard deviation. The roughness profile shown here is one of the measured 21
lines for each geometry.

Geometry
Diameter

Location
Ra (µm) Rz (µm)

Roughness profile
(mm) Mean SD Mean SD

D6 6.06

down-skin 24.2 3.8 133.8 20.3

up-skin 17.4 2.8 96.9 15.0

D4 4.00

down-skin 22.8 4.1 130.6 21.6

up-skin 15.6 2.3 83.6 13.2

4.4.4 Build defects

Given the observation of near surface defects (Fig. 4.3 and Fig. 4.8), the difference in the

number of near surface defects was investigated as a potential source of the difference

in fatigue performance between the D4 and D6 geometries. As a first approximation,

we viewed the fatigue performance from a weakest link perspective, where each crack

initiating defect is associated with a randomly assigned fatigue life and the fatigue life
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Figure 4.8: The surface profiles of specimen (a) D6 and (b) D4 with optical microscopy.
(c) A notch-like surface defect in the D6 specimen with cross sectional op-
tical microscopy.

of a specimen is the minimum of the fatigue lives of its defects. Provided the presence

of a large number of defects with random lives originating from independent samples of

a common probability distribution function3, a simple relationship between the survival

probability of the two geometries can be written as

P(log10 N f > log10 n f ) = S D6(log10 n f ) =
(
S D4(log10 n f )

)η
, (4.3)

with η representing the ratio of the number of defects between geometries. In other

words, P(log10 N f > log10 n f ) represents the probability that the logarithm of the ran-

domly sampled fatigue life, N f , is greater than a specified logarithm of fatigue life, n f .

Given the above assumptions and the results of asymptotic order statistics [126], a

reasonable first choice for the specimen survival function is

S (log10 n f ) = e−
( log10 n f −θ

λ

)κ
, (4.4)

3We contend these are reasonable assumptions considering the length scales of the problem and the
homogeneous stress state in the gage section of the specimens.
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where the shape parameter, κ, is associated with the evolution of the failure rate with

respect to log10 n f . The location parameter, θ, controls the minimum observable value

of log10 N f , which in practice would arise from specimens with large visible defects

being discarded before fatigue testing. The remaining parameter, λ, controls the the

variance of log10 N f .

To test the ability of the model (i.e. Eq. 4.3 and Eq. 5.5) to predict the difference

in the fatigue performance between geometries (as shown in Fig. 4.2), the stress de-

pendence of log10 N f must be considered. As a first approximation, we follow the same

procedure used in section 4.3.2, whereby the fatigue life data points are collapsed to

σa = 450 MPa and the Kaplan-Meier estimator [129] of the survival function is com-

puted for each data set. The applicability of Eq. 4.3 and 5.5 to all nonnegative integer

values of n f implies that κ and θ must be the same for D4 and D6 geometries, em-

phasizing again that this is under the assumption that the fatigue lives associated with

individual defects in D4 and D6 can be considered as independent and identically dis-

tributed random variables. Combining Eq. 4.3 and 5.5 then gives a simple relationship

for parameter λ of the D4 and D6 specimens,

λD6 =
λD4

η
1
κ

. (4.5)

To be consistent with Eq. 4.1 and the assumption that A also describes how the quantiles

of log10 N f change with log10 σa, κ and λ must be independent of stress. It follows that

the stress dependence of the fatigue life must originate solely from the stress dependence

of the location parameter θ of the following form,

θ = A log10 σa + B − λΓ

(
1 +

1
κ

)
. (4.6)

This together with Eq. 4.1, again give that A is identical for both geometries4. In total,

the model possesses only a single free parameter κ, after A, BD4, and BD6 are obtained by
4For the interested reader, the described model has been developed in more detail and applied to two

validation cases in [161].
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a standard least squares regression of the SN data in a log10-log10 space. In other words,

given Eq. 4.5, Eq. 4.6, constraints of κD4 = κD6 = κ, and θD4 = θD6 = θ, the choice of κ

completely specifies the model for identified values of A, BD4, and BD6. Intuitively, the

procedure equates to A being governed by the stress dependence of the fatigue data, BD4

and BD6 being governed by the mean of the fatigue data for each geometry, and κ being

governed by the overall variability of the data.

Considering the observed similar surface characteristics shown in section 4.4.3, the

two geometries seem to only differ by gage surface areas. As a first application of the

model, we took the ratio of the number of crack initiating defects between the two ge-

ometries, η, to be equal to the ratio of the gage surface area, 0.66, akin to there being

the same number of defects per unit volume near the surface in the two geometries.

The free parameter κ was chosen by a simultaneous least squares fit of S D6(log10 n f )

and S D4(log10 n f ) to the corresponding Kaplan-Meier estimators, Ŝ D6(log10 N f ) and

Ŝ D4(log10 N f ), in a linearized space. The fit resulted in θ = 2.65, λD6 = 1.36, λD4 = 0.91

and κ = 1.02, with R2 = −0.22 for D4 geometry and R2 = 0.45 for D6 geometry as

shown in Fig. 4.9. This result suggests that the variability in the assumed defect data is

not sufficient to produce the observed difference in fatigue performance between the two

geometries, from the vantage of a weakest link model operating under the assumption

that the near surface defect density is the same in both geometries.

The above result motivated a closer examination of the assumption that the defect

density is the same for the D4 and D6 geometries. To determine the defect population,

X-ray computed tomography was performed on a Zeiss Versa 520 micro-CT system with

the following settings: acceleration voltage of 140 kV, current of 71.6 µA and power of

10 W. 1601 projections were collected on a scintillator detector while the sample was

rotated 360◦ at 4-5 s exposure time. Low density regions of eight or more contiguous
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Figure 4.9: Weakest link model fits using the same density of crack initiation defects at
the surface for the two geometries, i.e. η = the ratio of gage surface area =

0.66.

voxels were classified as defects and the subsequent analysis of defects was conducted

in ImageJ [162]. For reference, a sphere of 17 µm diameter would occupy the volume

of eight 7-µm voxels.

With this definition and a 7.0 µm voxel size, 4 builds from each geometry were ana-

lyzed. The scanned volume covers the total gage volume of the D6 geometry and ∼ 62

% of the D4 geometry. As shown in Table 4.2, 41 interior defects were detected in a total

scanned gage volume of 666 mm3 for the D6 specimens, and 51 interior defects were

detected in a total scanned volume of 303 mm3 for the D4 specimens. The histograms

of interior defect distribution are shown in Fig. 4.10, which indicate most of the interior

defects are well below 100 µm in effective spherical diameter and no significant differ-

ence in defect size exists between the two geometries. It is noted that the CT scans of

4 builds of each geometry were performed twice in different CT machines with similar

parameter settings to account for the possibly introduced variability, and the results were

repeatable.

Despite the variability in the measured defect density of the 4 builds of the D4 ge-

ometry as shown in Table 4.2) and the similar defect size distribution between the two

geometries with a two sample Kolmogorov-Smirnov (K-S) test, the defect density is
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significantly different in the scanned volumes of the two geometries. Nonetheless, the

defect density measurements performed here considered all detected interior defects,

while the fractography suggested that failure originates from defects near the surface

(Fig. 4.3). Given the difficulty in accurately identifying near surface defects in our CT

data, we proceeded under the simplifying assumption that the ratio of bulk defect den-

sities is equal to the ratio of surface defect densities for the two geometries. Fig. 4.11 is

given in an attempt to provide some context for this assumption.

With this assumption, the average defect densities measured in Table 4.2, and the

proportion of defects near a surface being different for the two geometries, we reconsid-

ered the weakest link model with η = 0.234. Fitting κ as done previously, we obtained

θ = 2.57, λD6 = 1.58, λD4 = 1.08 and κ = 3.86, which resulted in R2 = 0.80 and

R2 = 0.85 respectively as shown in Fig. 4.12. We interpret these R2 values to suggest

that the difference in fatigue performance between the two geometries can be explained

by the weakest link model, when considering the difference in surface area and defect

densities between the two geometries.

Stated differently, this key finding of the paper suggest that the weakest link model

is capable of predicting changes in fatigue performance due to changes in geometry,

provided defect populations can be measured, sufficient fatigue data exists for the cal-

ibration geometry, and the assumptions of the weakest link model remain applicable.

These provisions are not insignificant in that (1) it is currently impractical to sufficiently

characterize defects over the scale of a component, (2) obtaining sufficient data to cali-

brate a probabilistic model for meaningful prediction is often prohibitively expensive for

fatigue performance, and (3) the weakest link model requires substantial assumptions to

be utilized in components with stress gradients.
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Table 4.2: Summary of CT defect measurements in D6 and D4 geometries.

Specimen D6 Specimen D4
Gage surface area (mm2) 81 123

Scan 1 2 3 4 1 2 3 4
Scanned Volume (mm3) 167.6 174.2 162.5 161.5 76.5 75.7 74.8 76.1
Number of defects with

8 13 9 11 13 3 19 16
effective diameter ≥ 17.4 µm

Defect density (mm−3) 0.05 0.07 0.06 0.07 0.17 0.04 0.25 0.21
Total number of defects with

41 51
effective diameter ≥ 17.4 µm
Total defect density (mm−3) 0.06 0.17

Figure 4.10: The histogram and cumulative density function of the effective spherical
diameter of defects for (a) D6 and (b) D4 geometries, averaged over 4
specimens for each geometry in a single build.

4.5 Thermal modeling

Thermal modeling was performed to investigate the possibility of predicting the differ-

ence in defect density from differences in thermal history. The finite element methodol-

ogy (FEM) was performed using the open source software package FEniCS [163]. The

thermal model consisted of the linear heat equation with a moving point source,

∂T
∂t

= α∇2T +
q̇
ρcp

, (4.7)

where T is the temperature, ∇2 the Laplace operator, α the thermal diffusivity, q̇ the

volumetric heat input, ρ the density, and cp is the specific heat. This simplified linear

model has been shown to be very effective for predicting the temperature history of the
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Figure 4.11: An overview of the defect distribution projected along the longitudinal axis
of the scanned volume in one of the (a) D6 and (b) D4 specimens.

Figure 4.12: Weakest link model fits using the measured defect density from X-ray CT
scan, i.e. η = the ratio of defect density × the ratio of the volume within
100 µm of the surface = 0.234, considering the two geometries.

solidified material in both the welding [164–166] and laser PBF processes [167]. More

specifically, when comparing a linear point source model to experiments it has been

shown that ignoring the role of the powder thermal conductivity, phase transformations,

and convective and radiative heat transfer, does not produce substantial inaccuracies

under conditions of lower energy input [167]. Promoppatum et al. [167] have shown

cooling rate predictions with a linear point source model to be within 10% of nonlin-

ear FE predictions involving convection, radiation, and phase transformations, at lower

input energies as examined here (∼ 0.2 - 0.3 J·mm).
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The initial condition of the simulations was taken to be half built vertical specimens

(as illustrated in Fig. 4.13) in thermal equilibrium with their environment. The heat

source scan pattern of the actual builds was modeled, with linear scan vectors offset by

66◦ between successive build layers. The change in the geometry due to the deposition

of new material was modeled by activating a new layer of elements with thickness of

30 µm. The new elements were activated by changing their thermal conductivity, k, and

specific heat, cp, from zero to values representative of solid Ti-6Al-4V. For simplicity,

Dirichlet boundary conditions were used on the bottom surface and the other surfaces

were adiabatic, noting that the thermal conductivity of Ti-6Al-4V powders is small rela-

tive to solid Ti-6Al-4V [168]. The two geometries were discretized with a uniform grid

of 4 node tetrahedral elements with linear shape functions. Time was integrated explic-

itly with the forward Euler approach. Temperature was calculated in normalized units

as kelvin per rate of heat input (K/W), allowing the laser energy not converted to heat to

be easily incorporated. A single track scan was first performed for the two specimens to

ensure the convergence of solutions with respect to spatial and temporal discretization.

A converged solution was obtained across the two specimens with a in plane mesh edge

size of 80 µm and a time step of 1 µs. This mesh size and time step were used in all

subsequent simulations unless otherwise stated.

In the actual build, 41.46 s elapsed between the scan of successive layers of a spec-

imen, making the direct simulation of multiple layers with the explicit finite element

code computationally intensive. Thus, we started by simulating the scanning of 4 layers

with a 8 s dwell time. For reference, it takes 0.19 s to scan one layer of the D6 specimen

and 0.08 s to scan one layer of the D4 specimen. The temperature history at a location

300 µm below the center point of the first layer is shown as a solid line in Fig. 4.14 for

D6 and D4 geometries. A distance of 300 µm was chosen because the temperature at

this depth will not ordinarily be influenced by the spatial distribution of the heat source
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Figure 4.13: Half of the vertically built (a) D6 and (b) D4 specimen simulated by finite
element method. The build direction is along the x axis. The colors repre-
sent the temperature filed when the heat source travels on the top surface
at a specific time. The origin for the two geometries locates at the center of
the bottom surface of the bar.

and the nonlinearities near the melt pool; yet, 300 µm is close enough to the scan path

to provide guidance for identifying the appropriate input power.

The results in Fig. 4.14 provide a benchmark for validating a simplified model capa-

ble of simulating numerous layers at long dwell times with low computational cost. The

simplified model assumes that the temperature field can be approximated as a function

of the distance to the bottom of the specimen along the build axis (Fig. 4.13), shortly

after the scanning of a layer has ended, by assuming uniform temperature across the

cross section. An 8th order polynomial was fit the temperature field from the FE solu-

tion to describe this one-dimensional temperature distribution along the build axis. This

simplification allows the temperature evolution to be predicted at long dwell times via

the analytic solution of the 1D linear diffusion equation having the same boundary con-

ditions as the full FE model and the initial conditions of the fitted polynomials. The

obtained analytic solution is thus a function of the location along the build axis and the
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dwell time. In other words, the temperature field associated with building the first layer

is obtained from superimposing a full FE simulation during t <= tscan (tscan refers to the

time spent in one layer scan) with the one dimensional analytic solution. For follow-

ing scans, we utilized superposition to avoid the need for subsequent FE simulations.

We showed the simplified model to be capable of reproducing the results of the full FE

simulation to high accuracy as illustrated in Fig. 4.14.

Figure 4.14: Full FE simulation and the superposition model predictions of the temper-
ature evolution 300 µm below the center point of the very first scan layer,
at location (34.695, 0.0, 0.0) mm and (37.555, 0.0, 0.0) mm for (a) D6 and
(b) D4 respectively.

The simplified model was then used to predict the temperature history at a location

that is always 300 µm below the current scan layer, with a dwell time of 41.46 s as

was used in the real builds of the specimens considered in this paper. Fig. 4.15 shows

the temperature histories associated with 20 layers. The results establish that the heat

from previous layer plays negligible role in the thermal history of the current layer. This

conclusion should also apply to the true build geometry, i.e. 45◦ to the substrate, due to

the long dwell time relative to scan time. In other words, only a single layer scan of the

45◦ built specimen needs to be considered.

For the 45◦ built specimens, the geometry of the cross section varies with each layer

due to a portion of it lying outside the gage section. For simplicity, this feature was
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Figure 4.15: The superposition model predictions of the temperature evolution for 20
layers at 300 µm below the center point of the current scan layer, for D6
and D4 geometries. Note that the line segments connecting temperature
at the end of the scan to the end of dwell time are linear because only the
temperature at the end of dwell time of each layer is computed from the
analytic solution of the superposition method.

avoided by considering cylinders built at 45◦ with diameters of 4.00 mm and 6.06 mm,

as shown in Fig. 4.16. Examining the same scan pattern as used in the real builds, the

temperature history was predicted at 3 points (referred as down-skin, center and up-skin)

as in Fig. 4.17(a). The three points were located on a plane 300 µm below the scanned

plane, with one (A/A’) being on the down-skin surface, one (C/C’) being on the up-skin

surface, and one (B/B’) at the mid between the other two points, as shown in Fig. 4.16.

Fig. 4.17(a) shows there are multiple peaks of temperature for each location, each of

which represents a thermal cycle as the laser progresses from through scan vectors. The

last two peaks correspond to the two contour scans. It is pointed out that the temperature

peaks in Fig. 4.14 and 4.15 don’t show up due to the scale of the time axis. It should

also be noted that the laser power used for contour scans is only half of the bulk hatch-
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Figure 4.16: Half of 45◦ built (a) D6 and (b) D4 specimen simulated with finite element
method. The build direction is along x axis. The origin in FE simulation
for both geometries is the center of the bottom bar surface.

ing scan, and the overall temperature is normalized by the power of the hatching scan.

Fig. 4.17(a) indicates that the three locations experienced significantly different temper-

ature histories with the down-skin location being the highest. The D4 geometry showed

slightly higher temperature at the three locations compared to the D6 geometry, which is

not surprising considering there is less cool down time between adjacent scan tracks in

the D4 geometry. Relative to the variation in thermal history due to location within the

specimen, the variation in thermal history due to specimen geometry appears insignif-

icant. This would suggest that the defect population in the two geometries examined

here cannot be related to the thermal history predicted by the current model.

Given the layout of the specimens on the build plate in Fig. 4.1b, we have two hy-

potheses for the failure of the thermal model in capturing the relative defect population.

First, the characteristics of the deposited loose powder may not be constant across the

build plate, meaning that the optimum build parameters may not be constant across the

build plate. This might explain the difference in defect population between the two ge-

ometries considering that the D6 specimens were grouped much closer to the powder
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source than the D4 specimens. Second, the gas flow is not constant across the build

plate, meaning the laser interaction with the plume may vary with position on the build

plate, influencing the amount of thermal energy transfered to the build. Considering that

EOS has released an upgrade for the M290 machine to improve the uniformity of the gas

flow, we assert that the second hypothesis is not unreasonable, particularly considering

that the M290 machine used for the specimens studied here had not yet been upgraded.

It is worth noting that Ferrar et al. have explicitly shown a relation between position on

the build plate and defect density in the laser PBF titanium components built in a MTT

ReaLizer 250 machine, and considered gas flow to be key [169].

To provide some validation for the thermal model relative to the real builds, we

examined the thermal history predictions with respect to the observed microstructure,

specifically the prior β grain morphology. In each specimen, points on the up-skin,

center, and down-skin surface were identified, whose maximum temperature during the

scan is the solidus temperature, 1605 °C. Such points will not experience remelting with

the deposition of additional layers; and thus, represent locations whose prior β grain

morphology is likely to be determined by the simulated layer. The distance of the three

points from the build layer was 60, 150, and 330 µm, respectively. Noting that there

is uncertainty associated with these depths, points 30 µm above and below were also

examined5. The cooling rate, dT/dt, and the magnitude of the thermal gradient, G, were

computed at these points allowing their placement on a solidification map (Fig. 4.8)

using equation

R =
dT/dt

G
, (4.8)

where R is solidification rate. Comparing to Kobryn and Semiatin’s map [15] generated

from AM Ti-6Al-4V data, the thermal model predicts columnar prior β grains at all

5The point 30 µm above the up-skin point for the D4 specimen is not shown in Fig. 4.8 in that the
predicted thermal gradient is out of the range of the figure.
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locations in both specimens, consistent with the observations of the microstructure made

here (Fig. 4.6). Similar to the point made in the last paragraph, it is clear that the

variation due to location within a specimen is stronger than the variation due to specimen

geometry, for the cases considered here.

Figure 4.17: (a) Temperature evolution at down-skin, center and up-skin locations that
are 300 µm below the scan layer for the two geometries (b) the solidifica-
tion map showing both the predicted and experimental values of G and R.
Calibrated experimental data was extracted from [15].

4.6 Summary and conclusions

With the goal of ultimately building the understanding necessarily to robustly predict

the fatigue performance of L-PBF components, this study focused on uniaxial fatigue

test results from two sets of round Ti-6Al-4V bars, differing only by the surface area of

the gage section. Despite a mild difference in geometry, the fatigue performance of the

two geometries was significantly different, even being from the same build. This result

provides a clear cautionary example of the influence that geometry and size can have on

the mechanical performance of L-PBF coupons and components.

To robustly address this issue, a sound understanding of the origins of the differ-
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ence is key. In this spirit, we performed fatigue crack growth simulations to explore

the role that differences in mechanical driving forces might play, considering that the

reduced diameter of larger surface area geometry would increase crack driving force

under consistent uniaxial loading. While the simulations did show there to be an ef-

fect on the fatigue life, it was far less than what had been observed in the fatigue test

data. In the same spirit, we also explored the possibility of microstructural differences

being the cause of the difference in fatigue performance. Taking the maximum length of

α laths to be the indicative microstructural feature governing fatigue performance, the

microstructure of the two geometries was not observed to be substantially different.

Noting that the fatigue cracks that led to failure did initiate near the surface, the sur-

face roughness of the two geometries was also characterized. Popular surface roughness

indicators were similar between the two geometries. What did standout in the surface

characterization, and is the second key results of this study, is the observation of a sub-

stantially sized build defect that was below but connected to the surface. Such defects

would not be detectable via traditional surface roughness measurements; and given their

estimated population from X-ray CT, would not be a common sighting in cross sectional

microscopy. Yet, such defects are likely present in sufficient populations to govern fa-

tigue performance.

Taking such defects to be the source of life limiting fatigue cracks, and assuming

their population to be proportional to surface area, the ability of a weakest link model

to predict the difference in fatigue performance between the two sets of specimens was

tested. While the difference in surface area can contribute to the difference in fatigue

performance between the two geometries (in that there are more life limiting defects in

specimens with more surface area), we found the corresponding model predictions to

not be consistent with the data. As such, a refined model that considered the possibility
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of their being different defect densities between the two geometries was assessed. X-ray

CT confirmed this hypothesis for easily detectable bulk defects, with almost 3 times the

defect density being measured in the D4 specimens that exhibited inferior fatigue per-

formance. Assuming that the difference in bulk defect density between the geometries is

consistent with the defects near the down-skin surfaces, the weakest link model was re-

run accounting for both the difference in surface area and the difference in defect density

between the two geometries. With these inputs, the model was capable of reproducing

the observed difference in fatigue performance between the two geometries. Thus, the

third key result of this study is that the relative fatigue performance of minimally post

processed L-PBF Ti-6Al-4V coupons is predictable from simple weakest link modeling,

provided a sufficiently sized data set exists for one of the geometries. This finding imme-

diately motivates the question of the capability of the model to extend beyond the minor

geometric differences examined here and towards what would be necessary to go from

coupon-scale data to component-scale predictions. We hope this will be systematically

examined in future work.

Given the observed quantitative relationship between measurable defect population

and relative fatigue performance in minimally post processed L-PBF Ti-6Al-4V, a key

technological question is to what extent can relative defect populations be predicted

as a function of geometry. This is particularly true considering that X-ray CT at the

component scale is impractical at the resolution required to sufficiently quantify defect

populations [108, 109]. In this spirit we explored the utility of a linear heat conduction

model capable of fully tracking the path of the heat source layer-by-layer. The model

did not predict a substantial variation in thermal history between specimen geometries,

and thus was not consistent with difference in observed defect populations that was

ultimately found responsible for the difference in fatigue performance. Given that the

linear heat conduction model has been proven quite powerful under a number of contexts
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in the literature, a systematic study is needed to identify what feature(s) must be added to

the model to capture changes in defect populations with changes in geometry as would

ultimately be needed for a robust process-structure-performance model at the component

scale.
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CHAPTER 5

FATIGUE OF ADDITIVE MANUFACTURED TI-6AL-4V, THE

RELATIONSHIP BETWEEN MATERIAL CYCLIC BEHAVIOR AND

COMPONENT PERFORMANCE

5.1 Abstract

To realize the qualification and certification of powder bed fusion (PBF) technique in

safety critical loading bearing applications, a predictive process-structure-performance

model framework of the fatigue performance needs to be developed. This study aims

to link the cyclic material behavior at the witness coupon level with the fatigue per-

formance of a laser PBF aircraft link component. The standard deterministic approach

used power-law fit Basquin’s relations of witness coupon fatigue data and the computed

maximum multiaxial fatigue indicator (generalized Fatemi-Socie) in the link compo-

nent. To gain some insights on the variability of fatigue life, a probabilistic model was

further developed considering both the crack initiation sites and the full stress field of

the link component from finite element analysis. Both of the models under-predicted

the median fatigue life of the link component, which we hypothesize to be due to the

overestimation of the multiaxial fatigue indicator. Extending the probabilistic model to

examine the effect of the density of fatigue initiation sites led a conclusion that a signifi-

cant change in initiation sites density might not be important to the fatigue performance

at the component scale given the variability that already exists.
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5.2 Introduction:

Additive manufacturing is “a process of joining materials to make objects from 3D

model data, usually layer upon layer, as opposed to subtractive manufacturing method-

ologies. Synonyms: additive fabrication, additive processes, additive techniques, addi-

tive layer manufacturing, layer manufacturing, and freeform fabrication as defined by

ASTM standard [18]”. Powder bed fusion (PBF), as one of the additive manufacturing

techniques, is of great interest to the aerospace industries due to its short lead time and

low buy-to-fly ratio compared to traditional manufacturing. Regardless, the mechan-

ical properties of PBF parts must satisfy the stringent requirements of the aerospace

industries, before being economically used in safety critical load bearing applications.

Ti-6Al-4V, as one of the most commonly used materials in aerospace, exhibits good

combination of strength and ductility, and thus is the focus of this study.

As PBF process advances for the past several decades, the static mechanical proper-

ties of as-built PBF Ti-6Al-4V parts, such as ultimate strength and yield strength, have

been proved to be comparable to traditional wrought products [19, 153]. Elongation

at failure of laser PBF Ti-6Al-4V though usually lower than traditional products can

be enhanced through post treatment or controlled via in-situ adjustment of process pa-

rameters [153]. However, the fatigue performance still experiences large uncertainty

as it greatly depends on the surface roughness, build defects, microstructure and ther-

mal stress, those of which are the challenges remaining to be addressed in PBF pro-

cess [19, 92, 144]. While much efforts has been put in characterizing the fatigue perfor-

mance of PBF Ti-6Al-4V, most of the studies focuses on the witness coupon level and

only limited studies exist to link the material properties of the witness coupons to the fa-

tigue performance of a real structural component [24–27]. Attempts to characterize and

predict fatigue performance at the coupon/material scale are ultimately motivated by an
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interest in predicting the fatigue life of structural components. At the component scale,

not only must features such as porosity, lack-of-fusion defects, microstructure, surface

roughness, and residual stresses be considered, but their relationship to component ge-

ometry, environmental and mechanical loadings for robust and transferable predictive

modeling to ensue.

Considering such correlation is a necessary step towards an ultimate goal of a pre-

dictive process-structure-performance modeling framework to facilitate the qualification

and certification of PBF technology, we have taken a first step in this direction by ex-

amining the fatigue performance of a PBF Ti-6Al-4V aerospace link component relative

to coupon test data. This manuscript begins by introducing the fabrication of witness

coupons and link components, and the corresponding performed fatigue tests. Then a

fatigue life prediction model linking witness coupon with the link component was de-

veloped considering both fatigue crack growth and fatigue crack initiation stages. Given

that models can continually be refined and improved, an approach was taken to start

simple, strive to identify the most important areas for additional model refinement, and

then focus efforts onto these key areas. First a simple deterministic method was intro-

duced. To be able to predict the variability of fatigue life of the link component, the

model was further refined by considering the spatial distribution of fatigue crack initia-

tion sites. The calibration of the probabilistic fatigue model at the coupon level and the

predictions of the link component were both compared to the experiments. Lastly, an

examination of crack initiation site density on the predicted fatigue performance of the

link component was conducted using the developed probabilistic model. In addition, it

should be pointed out that currently PBF parts still rely on post treatments ensure safe

and reliable fatigue behavior, thus, this study focuses on the PBF coupons and compo-

nents that were surface machined and hot isostatically pressed (HIP’d) where most of

fatigue crack initiation sites/defects are not PBF process related.
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5.3 Laboratory data from V-22 demonstration project

In 2016, the US Naval Air Systems Command (NAVAIR) successfully demonstrated the

ability to utilize additively manufactured flight-critical load-bearing components [16].

The demonstration consisted of a Ti-6Al-4V nacelle link and fitting assembly on the

V-22 Osprey aircraft (Fig. 5.1a). The components were fabricated with an EOS M290

laser PBF machine. Default parameters were used with 60 µm layer height and EOS Ti-

6Al-4V powder. Each build involved a set of 4 links and witness coupons (Fig. 5.1b),

making it ideal for examining the relationship between coupon and component fatigue

performance.

After fabrication, the build plate was subjected to a hot isostatic pressing (HIP) treat-

ment at a temperature of 900 °C and a pressure of 100 MPa for 2 h. Components and

coupons were then removed via electrical discharge surface machining. All components

and coupons were built oversized and subjected to subsequent surface machining where

at least 1.27 mm of material was removed during the final post processing step.

Figure 5.1: (a) The illustrated breakdown of the V-22 nacelle link and fittings as installed
on the aircraft, (b) the layout of the build plate for the V-22 demonstration
project, and (c) fatigue test apparatus of the link. These figures are adapted
from Kasprzak et al.’s work [16].
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NAVAIR performed fatigue tests on the witness coupons under load control mode in

accordance with ASTM E466 [155]. Maximum stress σmax versus cycles to failure N f

data (SN) was collected over a range of stress ratios. Fatigue tests on the link component

were conducted under load control with R = -1 (Fig. 5.1c). A representative failed link

is shown in Fig. 5.2, together with a view of the fracture surface.

Figure 5.2: A fractured link assembly from fatigue testing and the identified crack initi-
ation site. This figure is adapted from Kasprzak et al.’s work [16].

5.4 Prediction of stress field as a function of load

The stress field in the link component was obtained via the finite element method with

the standard software package ABAQUS [122]. The domain was discretized using

10-node tetrahedron elements with 4 integration points and quadratic shape functions

(C3D10). Strains and rotations were approximated as infinitesimal and the solution was

obtained via Newton’s method. Considering the symmetry of both the link geometry

and loading, only one eighth of the assembly was modeled to save simulation time as

shown in Fig. 5.3.

The fatigue tested assembly was simplified to be a pin with full contact against the

link. The load was applied through the pin. To assess the interactions between the

link and the pin, several cases were considered and compared. First we examined the

basic link geometry and the load was applied via a rigid pin through a zero friction
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Figure 5.3: Left: full scale link-bearing-bushing assembly used in fatigue test. Right:
simplified one eighth of the link with full contact against a rigid pin used in
the FE simulation.

interface with the link. Assuming the link to be an isotropic homogeneous linear elastic

body, the peak stress under tensile load was found to be under-predicted relative to what

was predicted after some simple model refinements: (1) the addition of the chamfer

(geometry refinement) increased the peak stress by 9%, (2) the addition of a deformable

pin1 (as opposed to rigid) increased the max stress by 3%, and (3) the addition of a

coulomb friction coefficient of 0.3 at the interface between the pin and the link increased

the maximum stress by 14%. With these results and computational expense in mind, we

performed subsequent simulations with a rigid pin with a friction coefficient of 0.3.

The material properties of the PBF Ti-6Al-4V link were taken as elastic modulus E

= 17245 ksi, Poisson’s ratio ν = 0.29, and yield strength σy = 129 ksi following [17]. An

isotropic J2 yield model was used with an associated flow rule. Isotropic hardening was

implemented to match uniaxial stress-plastic strain data extracted from the stress-strain

curve of PBF HIP’d Ti-6Al-4V in [17]. Localized plastic deformation occurred in the

1having elastic constants of 17-4 PH stainless steel, Young’s modulus of ∼ 29000 ksi and Poisson’s
ratio of 0.3.
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link during the first cycle, but not subsequent cycles for all considered loads.

With converged mesh size, the finite element predictions under a fully reversed load

of 7000 lbs and 11000 lbs are shown during the second load cycle in Fig. 5.4. These

images convey several worthwhile points. First, examination of the principal stresses in

the highly stressed regions shows both uniaxial and multiaxial stress states. We assert

that this necessitates the use of a multiaxial fatigue criterion, despite the uniaxial nature

of the applied load. Second, the fully reversed nature of the applied load does not dictate

a stress ratio of R = -1 at material points. At lower loads, where plasticity on the first

cycle was limited, e.g. 7000lbs, the stress ratio at points in the highest stressed region is

close to R = 0 due to the nonlinear nature of contact load transfer between the pin and

the link. At higher loads, e.g. 11000lbs, the stress ratio varies between R = 0 and R =

-1 due to not only the nonlinear load transfer but also the presence of residual stresses

due to the inhomogeneous plasticity that occurred during the first load cycle. Third, the

cyclic stress amplitude at material points within the most highly stressed region after the

first cycle scales with the magnitude of the applied tensile load, i.e. the most dominate

principle stress fluctuates by 178 ksi at 11000 lbs loading and by 120 ksi at 7000 lbs

loading. This 6% deviation from linearity gives a sense of the error associated with

linearizing the contact in the tensile regime.

The nonlinearity of load transfer at the pin-link contact produces a very nonlinear

load path in stress space at most locations in the link. Thus, the uniaxial characteriza-

tion of stress ratio (R) is not expected to be sufficient for quantitative predictions. To

address this issue, we examined two simplifying approximate load paths. One involved

linearly interpolating between the tensile, unloaded, and compressively loaded states,

and a second case involved linearly interpolating between the tensile and compressively

loaded states. The multiaxial fatigue indicator used in this study as described in section
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5.5.2 was increased by ∼ 10% using the later case. In the spirit of simplicity and mean-

while being conservative, the load path in this study was linearized and simplified to be

proportional.

The FE results are consistent with the representative fracture surface shown in Fig.

5.2, suggesting that the fatigue failure initiated within the predicted highly stressed re-

gion. However, in one of the nine tests, fatigue failure did initiate from the outer surface

of the link where stress amplitudes are substantially lower (∼ 1
2 ). We take this result to

not be suggestive of a short coming of the stress analysis, but instead suggest significant

variability in the fatigue resistance of the material/surface. In the fatigue data set here,

the detrimental impact of the material/surface defect on the fatigue life was not huge,

given the defect was located at a relatively low stress location. However, had this not

been the case, we expect the link would have failed at a very low number of cycles. On

the whole, this observation strongly motivates the use of a life prediction framework that

can account for such occurrences.

5.5 Fatigue life model

Fatigue life is often partitioned into three regimes: (i) the number of cycles required

to initiate/create a crack of length sufficient for linear elastic fracture mechanics to be

applied, (ii) the number of cycles to grow that crack through the regime in which linear

elastic fracture mechanics applies, and (iii) the number of subsequent cycles to grow the

crack to specimen failure, through which elastic-plastic fracture mechanics is required.

Here we consider the first two regimes and assume the third to be negligible.
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Figure 5.4: FEM results of one eighth model under (a) 7000 lbs tension loading, (b)
7000 lbs compressive loading, (c) 11000 lbs tension loading and (d) 11000
lbs compressive loading from the second fatigue load cycle. The principal
stresses at different locations in the highly stressed region are listed here.

5.5.1 Fatigue crack growth model

Linear elastic fatigue crack growth was conducted using Standard finite element soft-

ware ABAQUS [122] and FRANC3D [123]. This approach consists of FRANC3D call-

ing ABAQUS to solve the elastic boundary value problem, and subsequently using the

stress/displacement fields to compute the stress intensity factor, KI, for a sequence of

crack geometries, from which the fatigue life can be estimated. FRANC3D has the capa-

bility to remesh a portion of the whole model while retaining the mesh facets and nodes

on the cut-surface, and then recombine the sub-model with the rest of the model. As

illustrated in Fig. 5.5, only a small portion of the link component is extracted, cracked

and remeshed. An initial semi-elliptical crack with size of 0.001×0.002 inch is inserted

at the maximum principal stress location of the finite element simulation. The cracked

and re-meshed sub-model is recombined with the rest of the link, and then the recom-
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bined model is analyzed. The material behavior in all the crack growth simulations was

taken to be linear elastic2.

Figure 5.5: Finite element model setup with FRANC3D and ABAQUS.

Two scenarios were considered: The first (higher fidelity) considered the possibility

of crack growth under both the tensile and compressive parts of the load cycle, and

solved the pin-link contact problem at each step. The second (lower fidelity) linearized

the contact at the pin-link interface and only considered crack growth on the tensile part

of the load cycle with a stress ratio of R = 0.1. The KI values predicted by the two

models differed by ∼ 4.7% at a load of 5000 lbs. Taking the difference of ∼ 4.7% in

KI, the estimated fatigue crack growth life of the two scenarios only differed ∼ 12%.

Considering that the computation cost decreased by nearly a factor of 20, the linearized

case is used in the subsequent calculations.

The geometry of the crack was evolved using 72 distinct geometries, up to a size of

∼ 0.234 inch. The geometries were obtained by assuming that the local advancement

of the crack along its front is proportional to the square of stress intensity factor range

∆KI with a constraint on the median crack extension between each geometry. The initial

2To be simple, we assume the link to be an elastic body in the linear elastic fatigue crack growth simu-
lation, although plasticity is included in the fatigue crack initiation model. We note that this simplification
would not change the results considering the significantly small weight that fatigue crack growth life takes
relative to fatigue crack initiation as discussed in the following paragraphs.
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crack size ai and final crack size a f at a specific load were computed based on the size

requirements in ASTM standard E-399, beyond which linear elastic fracture mechanics

(LEFM) is invalid [124]. The collected fatigue crack growth data (da/dN vs. ∆KI) of

laser PBF Ti-6Al-4V was represented in our modeling by the MMPDS mill annealed

plate data set and linear interpolation was performed between discrete collected data

points at log10-log10 scale [123]. Then, with this set of collected crack growth data

and the FE calculations of stress intensity factors, the cycles to grow the crack from

the initial to final crack size can be computed. For example, under a load of 5000 lbs

in tension and a stress ratio of R = 0.1, the cycles to grow a crack from 0.05 to 0.1

inch was predicted to be 6827 cycles with a stress intensity factor range ∆KI = 15.4 -

22.6 ksi
√

inch. For loads higher than 5000 lbs, it was found that linear elastic fracture

mechanics is invalid throughout the entire growth process. Therefore, comparing to

the SN data of the link in Fig. 5.7b indicates the fatigue crack growth life cycles have

negligible contribution to experimentally observed fatigue life3. Therefore, we conclude

that fatigue crack initiation governs the fatigue performance of the link for the range of

loads examined here, where initiation in this context refers to the generation of a crack

of ∼ 0.008 inch.

5.5.2 Fatigue crack initiation model

It is assumed the fatigue data (stress amplitude versus cycles to failure) will give the

fatigue initiation life of the witness coupons. A deterministic fatigue life prediction

model is first introduced to identify the key features that need to be included. Then to be

able to capture the variability of fatigue life, a probabilistic model is introduced. Both

3We note that incorporating the effect of short fatigue crack growth effects, e.g. [114], might give
more accurate fatigue crack growth life. However, the conclusion would not be changed considering that
incorporating short crack growth effects expedites crack growth.
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the deterministic and probabilistic model were first calibrated by the coupon test data

and then used to predict the fatigue performance of the link component.

Deterministic fatigue model

As shown in section 5.4, the highly stressed region of the link experiences a multiaxial

stress state. Accordingly, we use a multiaxial fatigue indicator to predict fatigue crack

initiation, which is considered equivalent to fatigue life (section 5.5.1). Here we use a

generalized Fatemi-Socie (FS) indicator, noting the simplicity, popularity, and general

applicability of the FS indicator [170, 171]. We specifically selected the generalized

version of the FS indicator [172] (GFS) as it can capture mean stress effects. The mean

stress varies throughout the component due to the residual stresses due to the occurrence

of plasticity on the first, but not subsequent, loading cycles. The GFS parameter is

expressed as

GFS =
∆γmax

2

(
1 + k

σn,max

G∆γ

)
, (5.1)

where GFS is the parameter value at the maximum damage plane, ∆γmax is the maximum

range of shear strain at a specific material point experienced on a particular plane during

one load cycle, σn,max is the maximum normal stress acting on this plane during one

load cycle, and ∆γ is the maximum range of shear strain at this specific material point

during one load cycle. G and k are material constants, with the former being the shear

modulus and the latter being fit to match multiaxial fatigue tests. Here k is taken to

be 1.0, following multiaxial test results for HIP’d laser PBF Ti-6Al-4V by Molaei et

al. [17]. Numerically, the Cauchy stress tensor σ at each material point can be extracted

out from the FE simulation. Then the maximum shear strain ∆γ can be first computed by

looping through all the possible planes in the 3D space for each material point assuming

proportional load path and linear strain path during one load cycle. The GFS value at
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each material point can then be computed using Eq. 5.1 and the calculated ∆γ.

The collected SN data of the witness coupons under uniaxial loading is shown in

Fig. 5.6 together with Molaei et al.’s data for axial, torsion, in-phase and out-of-phase

loadings [17]. Plotting Molaei et al.’s data set with respect to GFS conveys the ability

of the GFS parameter to collapse HIP’d laser PBF Ti-6Al-4V fatigue data over a wide

range of stress states. Plotting the witness coupon data with respect to GFS conveys the

models ability to collapse data over a range of mean stresses. Given that the witness

coupon data set demonstrates inferior fatigue performance relative to the Molaei et al.

data set, only the witness coupon data is considered in subsequent model calibration,

with extrapolation to multiaxial stress states following the trend of the Molaei et al. data

set (k = 1).

Figure 5.6: The fatigue data of the witness coupons normalized by the GFS parameter.
The axial and multiaxial fatigue data from [17] are shown here for compar-
ison. The yield line represents a GFS level in an uniaxial test above which
plasticity occurs.

Perhaps the most common and simplest approach to characterize the SN data in the

regime where fatigue crack initiation dominates is Basquin’s law [173]. However, for

both additively manufactured and traditional titanium alloys such at Ti-6Al-4V, it is well

established that a transition in mechanisms can occur that leads to significant deviation
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Figure 5.7: (a) The fatigue data of witness coupons with respect to GFS. The two dot
lines refer to the power-law fit lines for each failure mode. For the bulk
mode, run-outs are not included in the fit. The solid black line refers to the
critical GFS value, i.e. GFScrit1 = 0.00952, where transition occurs. (b) The
experimental data of v22 link, predicted median fatigue life using power-
law fit in (a) and the computed maximum GFS value at each load level.
The dot line here refers to the transition line below which bulk failure mode
dominates and above which surface failure mode dominates.

from Basquin’s law [10,174–176]. A simple and intuitive approach to alleviate this error,

is to apply Basquin’s law separately to subsets of the data grouped by failure mechanism.

In the case of Ti-6Al-4V, the grouping of SN data by mechanism is consistent with

the site of origin of the failure, i.e. surface vs bulk [10, 174–176]. While the failure

mechanisms were not characterized for the witness coupon tests, the data in Fig. 5.6

does show a clear grouping. Accordingly, two median regression fits to Basquin’s law

were applied (Fig. 5.7a). The fit Basquin’s equations for surface and bulk mode are:

GFS =


0.0227(N f )−0.074, if GFS ≥ GFScrit1 = 0.00952, surface mode

0.0151(N f )−0.033, otherwise, bulk mode.
(5.2)

Only the data points that exhibited failure were considered in the fit, i.e. the information

provided by data points that were stopped prior to failure (run-outs) was ignored. This

choice was made for several reasons. First, it provides a very simple and easily to

implement SN model that is similar to a large body of fatigue modeling publications.
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Second, it provides a stronger contrast to the more complex fatigue modeling approach

detailed in the next section. Considering that Basquin’s law captures the median SN

performance, we chose a critical GFS value of 0.00952, to dictate whether surface or

bulk failure will occur, noting that some ambiguity does exist in this choice (Fig. 5.7a).

Using the above relation fitted to the witness coupon data (Eq. 5.2), and the stress

field from the finite element simulations of the link (detailed in section 5.4), the median

fatigue life of the link can be predicted as a function of load. At each load, the GFS

parameter is computed at every integration point in the mesh for the bulk elements and

at each surface node for surface elements, and the maximum value is used to estimate

the life. As shown in Fig. 5.7b, this deterministic model seems to under-predict the

median fatigue life of the link. We hypothesize this to be due to the linearization of the

load path in the computation of GFS values, which resulted in artificially higher GFS

values. This indicates further refinement of the FE simulation is needed. With that said,

we remind the reader of the important point that in one case fatigue failure did initiate

from the outer surface of the link where stress amplitudes are substantially lower (∼ 1
2 );

and if the responsible defect had been in a more highly stressed location, a very short

life would have been observed. This was one motivation for the subsequent analysis

with a more complex model.

Probabilistic fatigue model

A probabilistic model of fatigue life is appealing for multiple reasons. Foremost, the

number of loading cycles required to fail laboratory test specimens is not repeatable,

even under the most careful conditions, making a stochastic model a necessity for con-

sistency with collected data. Even though the variability predicted by the model is often

highly uncertain (considering the typically small fatigue data sets available for cali-
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bration), we contend that uncertain predictions of variability are more valuable than

ignoring the fact that such variability is inherent to high cycle fatigue data. Stochastic

models are also appealing in that they produce size and stress gradient effects naturally

(although we note that not all size effects are due to the stochastic nature of fatigue

failures).

The typically small size of fatigue data sets available for calibration motivates the

inclusion of as much physical insight as possible into the model to limit (1) the number

of degrees of freedom, e.g. parameters, and (2) the sensitivity of the model predictions

to the values of its degrees of freedom, with the ultimate goal of reducing the uncertainty

of model predictions. In this spirit, a result of asymptotic order statistics is often uti-

lized (although not always acknowledged), to justify a simple three parameter Weibull

distribution function to describe the number of cycles to failure.

Given a set of n independently sampled random variables, Nsite
1 ,Nsite

2 , ...,Nsite
n , with a

common survival function,

P(log10 Nsite
i > log10 n f ) = S site(log10 n f ), (5.3)

the distribution of the minimum value from that set,

N fn = min(Nsite
1 ,Nsite

2 , ...,Nsite
n ), (5.4)

can be written as

P(log10 N fn > log10 n f ) = S n(log10 n f ) =
[
S site(log10 n f )

]n
. (5.5)

The relevant result of asymptotic order statistics is that

lim
n→∞

S n(log10 n f ) = S EVT(log10 n f ) = e−
( log10 n f −θ

λn

)κ
, (5.6)

if S site(θ − 1/ty) satisfies

lim
t→∞

(1 − S site(θ − 1/ty)
(1 − S site(θ − 1/t)

= y−κ (5.7)
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for y > 0, where t and y are dummy variables, κ is a positive constant, θ is equal to the

minimum possible value of log10(Nsite
i ), and

λn = sup
{
y : n(1 − S site(y)) ≤ 1

}
− θ. (5.8)

We refer the interested reader to [126] for a proof of this well established result.

Eq. 5.6 is particularly useful for two reasons. First, at large n, Eq. 5.6 is not subject

to the accumulation of error that occurs in Eq. 5.5. Second, Eq. 5.6 provides the distri-

bution for N fn without knowledge of the distribution of its constituents, S site(log10 n f ).

This brief introduction to the origin of Eq. 5.6 is valuable for discussing the appro-

priateness of its application to fatigue failure data. More specifically, the appropriateness

of equation 5.6 depends on: (1) the extent to which the fatigue failure of a specimen can

be attributed to the initiation and growth of a dominate crack from a distinct initiation

site, (2) the extent to which the number of cycles required to initiate and grow a crack to

failure from a particular crack initiation site can be modeled as an independent random

variable sampled from a distribution that is common to all sites, (3) the extent to which

that distribution satisfies Eq. 5.7, and (4) the error associated with the use of Eq. 5.6 for

a finite value of n.

Considering that the form of S site(log10 n f ) is entirely unknown, items (3) and (4)

are of serious concern. Comparatively, items (1) and (2) are less concerning as they

are consistent with the available physical understanding of high cycle fatigue failures in

many (but not all) contexts, provided the stress field is homogeneous at the macroscopic

scale (as in the gage section of a uniaxial fatigue test coupon). Importantly, despite the

serious concerns of (3) and (4), Eq. 5.6 has been used to successfully described uniaxial

fatigue test coupon data throughout the literature [8, 9, 161].

Acknowledging the stress dependence of the crack initiation and growth processes,

121



S site must be stress dependent; and thus that the values of Nsite
i cannot be considered to

have been drawn from a common distribution when the stress field is heterogeneous.

This directly applies to the application of Eq. 5.6 to structural components, making

such applications inconsistent with the theory. To address this point, the only approach

that we are aware of in the open literature consists of partitioning the heterogeneously

stressed body or component into m regions that can be approximated as each having a

homogeneous stress state [177–180] and each following Eq. 5.6. The survival function

of the structural component can then be written as

S comp =

m∏
i=1

S EVT(log10 n f ;σi, ni), (5.9)

where S EVT corresponds to the survival function of a region i having an assumed ho-

mogeneous stress state of σi and a number of initiation sites ni, noting that S EVT is

dependent on σi and n = ni throughout this section but it is only denoted here for em-

phasis. Considering the length scales at which this approach converges together with

our best guess of the spacing between crack initiation sites, the region size would have

insufficient crack initiation sites, n, for Eq. 5.6 to apply, thus forcing one of two options:

(1) apply Eq. 5.6 despite the small values of ni, which we argue is equivalent to using

a purely phenomenological weakest link stochastic model; or (2) retreat from the use of

asymptotic order statistics and rely on S site to compute S comp. We contend that the sec-

ond approach is more merited, with the idea that one day S comp might be derived from

physical understanding. However, if we choose

S site(log10 n f ) = e−
( log10 n f −θsite

λsite

)κsite

(5.10)

the two approaches become mathematically equivalent. Considering that we are aware

of no motivation to choose any other form over Eq. 5.10, we make this choice here,

allowing us to proceed along options (1) and (2) simultaneously.
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We assume the stress dependence of S site arises through

θsite = A log10 GFS + B − λsiteΓ

(
1 +

1
κsite

)
. (5.11)

where A and B are from a linear relation between the median of logarithm of fatigue life

log10 N f and stress indicator GFS,

median
[
log10 N f

]
= A log10 GFS + B, (5.12)

with κsite and λsite being stress independent for simplicity and consistency with experi-

mental data sets [161]. From the perspective of a Poisson process model, which is con-

sistent with earlier assumptions, we can write the survival function of a homogeneously

stressed region as

S region(log10 n f ) = e−E(n)(1−S site), (5.13)

where E(n) is the expected number of initiation sites in the region, which replaces Eq.

5.9 with

S comp =

m∏
i=1

S region(log10 n f ;σi). (5.14)

Now, considering the two failure modes in the data observed here, we write

S comp =

m1∏
i=1

S region
surf (log10 n f ;σi)

m2∏
i=1

S region
bulk (log10 n f ;σi), (5.15)

where m1, m2 refer to the number of surface regions and bulk regions. Consistent with

the Poisson process model, E(n) is considered to be proportional to the volume of the

region under consideration for S region
bulk , and area for S region

surf . For S region
surf , the proportionality

constant is taken to be stress dependent following

zsurf = αsurfGFSβsurf (5.16)

meaning that the number of surface sites at which a crack can initiate and lead to failure

is stress dependent. This stress dependence controls the transition in mechanisms ob-

served in the fatigue data [10, 174–176]. In the bulk case, a stress dependence was not
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evident considering the variability of the data (Fig. 5.6) and as such

zbulk =


αbulk, if GFS ≥ GFScrit2

0, otherwise

Overall S region
surf and S region

bulk have three sets of parameters, one for the crack initiation

site density (α and β), one for surface originated mode (As, Bs, κs and λs) and the other

one for bulk originated mode (κb, λb and θb). Maximum likelihood approach was used

in estimation of these three sets of parameters. For α and β, a binomial distribution was

used in the maximum likelihood estimation. Following a Bernoulli process, the success

probability of having zero crack initiation sites over a reference area of A0 is

Pzero
surf = e−zsurfA0 . (5.17)

Based on the occurrences of surface and bulk failures at each stress level in Fig. 5.6, α

and β can be found. For the other two sets of model parameters, maximum likelihood

was performed in fitting the survival function of the coupon S coup to the surface and bulk

dataset (Fig. 5.6) separately assuming a homogeneous stress field in the coupon gage

section. As shown in Fig. 5.8a, the calibrated model was capable of capturing both the

median and variance of the coupon data, and the transition from surface failure mode to

bulk failure mode.

To quantify the uncertainty in the predictions of model parameters, the bootstrap

approach was taken [181]. 65 re-sampled replicates were generated from the original

coupon SN data with replacement, each replicate having 35 fatigue data points. The

maximum likelihood process as described above was then repeated with the bootstrap

samples, 65 times, from which the median, 10th and 90th percentiles of the predicted

median of fatigue life were computed using the algorithm described in [?], as shown

in Fig. 5.8b. For example, at the maximum stress level, the predicted 80% confidence
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interval of log10 N f is [4.24, 4.66], a surprisingly narrow prediction given the small size

of the calibration data set used here. The predicted median values, and the associated

10% and 90% quantiles of surface and bulk parameters from bootstrap method are listed

in Table 5.1. The quantiles are within reasonable ranges considering the small sample

size of 65 used in bootstrap process.

Figure 5.8: (a) The predicted median, 10th and 90th percentiles of the coupon data us-
ing the probabilistic model and (b) The predicted median, 10th and 90th
percentiles of the medians of the fatigue life of coupon data using 65 boot-
strap samples.

Table 5.1: The predicted 10% and 90% quantiles of parameter κs, λs, As, Bs, and κb, λb, θb

from bootstrap re-sampling. A sorting-based algorithm described in [?] was
used to compute the quantiles.

α β κs λs As Bs κb λb θb

Median 1.64E65 32.04 5.56 1.50 -5.67 -6.58 1.03 1.06 6.15
10% quantile 1.85E43 21.05 2.36 0.81 -10.79 -15.80 1.00 0.68 5.95
90% quantile 1.17E88 42.42 10.43 5.65 -0.67 3.29 3.13 1.92 6.16

After validating the robustness of the probabilistic model using the coupon fatigue

data, the model was then used to predict the fatigue life of the V22 link. Utilizing the

values of model parameters from the coupon data, following Eq. 5.13 and 5.15, the

survival function of the link S comp under each load was computed by looping through

all the surface nodes and interior integration points of the FE simulation. For the bulk

integration points, a critical GFS value was used, i.e. GFScrit2 = 0.0063, below which
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the integration point was not considered. This critical value was chosen based on two

criteria: (1) small enough to be below the GFS level of bulk failure mode of the witness

coupon data, and (2) big enough so that the total volume of the link component included

in the model is reasonable relative to the gage volume of the witness coupon. With

S comp, the medians, 10th and 90th percentiles of the fatigue life can also be computed

numerically. Note that since the mesh in our FE simulation is relatively uniform, we

estimated the area associated with each surface node to be the total surface area of the

link divided by the total number of surface nodes. The estimation was compared to the

areas of randomly sampled surface nodes and the error was small, i.e. less than 10%

difference. As shown in Fig. 5.9a, the predicted median corresponds reasonably well

with the data, which is not surprising considering the quality of the predictions of the

much simpler model discussed in section 5.5.2. The model under-predicted the fatigue

life N f of the link at 11000 lbs by about 5 times, similar to the simple model. Again,

we hypothesize that this might be due to linearizing the load path in the computation

of GFS values, which resulted in artificially higher GFS values. The predictions of

the variance of the fatigue life compare well with the experimental data. As done in

the coupon case, 65 sets of model parameters were obtained from bootstrapping. We

then implemented each set of the obtained model parameters to the link, by which 65

predictions of fatigue life at each load were obtained. Fig. 5.9b shows the median, 10th

and 90th percentiles of the predicted median of the fatigue life of the link. Considering

the variability and limited size of the calibration data, the uncertainty on the model

prediction is not overwhelming, at least in terms of the median.
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Figure 5.9: (a) The predicted median, 10th and 90th percentiles of the fatigue life of v22
link by the weakest link model and (b) The predicted median, 90th and 10th
percentiles of the median of the fatigue life of v22 link using 65 bootstrap
samples.

Effect of Initiation Site Density

The probabilistic model offers the ability to consider how changes in the density, spatial

distribution, and/or characteristic of initiation sites impact the fatigue performance of the

component. In a separate work, we recently noted how a small change in the build di-

ameter of laser PBF Ti-6Al-4V fatigue coupons led to a significant difference in fatigue

performance, due to a 2 times difference in fatigue crack initiating defect sites [182].

While the referenced work involved specimens subjected to only a stress relief post pro-

cessing steps (meaning that fatigue performance was controlled by build defects), and

here we consider HIP and surface machined coupons and components (where fatigue

crack initiation sites are largely thought to be microstructural), it is still plausible that

the initiation site density might change n going from coupon to component. Inspired by

our previous work, we examined the effect of a 2 times change in initiation site density

in the link component, achieved by multiply z by 3 in the model. In other words, we

considered the effect of the link component having a 2 times higher initiation site density

than the witness coupons. The resulting predictions are compared with the original ones

in Fig. 5.10. Interestingly, the effect is quite mild relative to the variability of the fatigue
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data and uncertainty in the model predictions, except at 8000lbs where the the transition

from surface to bulk initiated failure occurs. This result suggests that the differences in

fatigue crack initiation site density between coupons and components is not necessarily

critical when making fatigue life predictions at the component scale, away from loads

where a transition in mechanisms can produce considerable variability. This motivates

future inquiries into the applicability of this conclusion to other component geometries

and post processing treatments.

Figure 5.10: The predicted median, 90th and 10th percentiles of the median of the fa-
tigue life of v22 link using 65 bootstrap samples and a 3 times crack initi-
ation site density comparing to the predictions in Fig. 5.9b.

5.6 Summary and Conclusions

With the goal of ultimately building the understanding necessarily to robustly predict

the fatigue performance of laser PBF components, this study examined the relationship

between the fatigue performance of a real laser PBF Ti-6Al-4V aircraft component and

witness coupons that were fabricated in the same build. Finite element analysis was

performed to examine the stress field of the link, where the material properties were
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chosen to be representative of laser PBF Ti-6Al-4V, the boundary conditions and con-

tact interactions were modified to be as close to the original qualification test efforts as

possible. The FE results showed the highly stressed region of the link experienced a mul-

tiaxial stress state, leading to the use of a multiaxial fatigue indicator, i.e. generalized

Fatemi-Socie parameter (GFS). Linear elastic fatigue crack growth analysis suggested

the fatigue crack initiation process dominates the fatigue life of the link component,

which is the focus of later analysis. A deterministic approach utilizing the power-law

fit lines of the coupon fatigue data and the maximum GFS value of the link compo-

nent under-predicted the median fatigue life of the link component. This does suggest

that more refinement is needed to capture the link between material properties at the

coupon level and the component performance. Furthermore, motivated by the important

role of variability in fatigue performance, a probabilistic fatigue model was developed.

Taking the idea of the weakest link phenomenon, the link was discretized into certain

amount of homogeneously stressed regions containing fatigue crack initiated sites, the

fatigue life of each crack initiation site following a three parameter Weibull distribution.

The probabilistic model was first calibrated by the fatigue data of the witness coupons

and then used to predict the fatigue performance of the link component. The calibrated

probabilistic model under-predicted the median trend, but does show a reasonable pre-

diction of the variability. A further study of fatigue initiation sites with 3 times density

using the probabilistic model showed that a significant change in fatigue initiation sites

at the component scale might not be important given the variability of fatigue data that

exists, indicating that the features controlling fatigue performance should be consid-

ered more carefully when transferring the fatigue data of witness coupons to structural

components.
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